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ABSTRACT
HIGH FIDELITY DYNAMIC MODELING AND NONLINEAR CONTROL OF FLUIDIC
ARTIFICIAL MUSCLES
Jonathon E. Slightam, M.Sc.
Marquette University, 2019
A fluidic artificial muscle is a type of soft actuator. Soft actuators transmit power with
elastic or hyper-elastic bladders that are deformed with a pressurized fluid. In a fluidic artificial
muscle a rubber tube is encompassed by a helical fiber braid with caps on both ends. One of the
end caps has an orifice, allowing the control of fluid flow in and out of the device. As the actuator
is pressurized, the rubber tube expands radially and is constrained by the helical fiber braid. This
constraint results in a contractile motion similar to that of biological muscles. Although artificial
muscles have been extensively studied, physics-based models do not exist that predict their
motion.
This dissertation presents a new comprehensive lumped-parameter dynamic model for
both pneumatic and hydraulic artificial muscles. It includes a tube stiffness model derived from
the theory of large deformations, thin wall pressure vessel theory, and a classical artificial muscle
force model. Furthermore, it incorporates models for the kinetic friction and braid deformation.
The new comprehensive dynamic model is able to accurately predict the displacement of artificial
muscles as a function of pressure. On average, the model can predict the quasi-static position of
the artificial muscles within 5% error and the dynamic displacement within 10% error with respect
to the maximum stroke. Results show the potential utility of the model in mechanical system
design and control design. Applications include wearable robots, mobile robots, and systems
requiring compact, powerful actuation.
The new model was used to derive sliding mode position and impedance control laws.
The accuracy of the controllers ranged from ±6 µm to ±50 µm, with respect to a 32 mm and 24
mm stroke artificial muscles, respectively. Tracking errors were reduced by 59% or more when
using the high-fidelity model sliding mode controller compared to classical methods. The new
model redefines the state-of-the-art in controller performance for fluidic artificial muscles.
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1CHAPTER 1
INTRODUCTION
Human robot interaction (HRI) is the physical interaction between humans and robot
hardware. Traditional rigid robots are generally segregated or used in a caged environment
because of the dangers of potentially colliding with humans, which can result in injury or death.
Manufacturing and service industries aim to use robots that can cohabit the human space and
work closely with people. In order for robots to interact with humans in a safe manner, technical
challenges in HRI need to be addressed. One challenge is the development of novel hardware and
control methods specifically tailored for HRI applications. Researchers in this area of robotics are
in agreement that:
ONE OF THE MOST IMPORTANT SCIENTIFIC CHALLENGES IN HUMAN ROBOT
INTERACTION IS THE NEED TO DEVELOP NOVEL ACTUATORS AND MODEL-BASED
CONTROL METHODS FOR SOFT ROBOTS [6–8].
Robotics roadmaps in both Europe and the U.S. have identified this scientific challenge as
the priority for enabling HRI technology. A key component of HRI is soft robots. Soft robots can
be classified into two major categories (i) semi-rigid, finite degree-of-freedom soft robots, and (ii)
continuum infinite degree-of-freedom soft robots.
A majority of soft robots use fluids to expand a deformable membrane, bladder, bellow, or
artificial muscle (AM) to provide a bending, twisting, pushing, or pulling motion. An AM is made
of a tube of hyperelastic material within a sleeve of a braided fiber with caps on both ends. At one
end, an orifice allows compressed gas or incompressible fluid to flow in or out. When pressurized,
the composite tube expands radially and contracts longitudinally resulting in a force and
displacement that is analogous to biological muscle as shown in the left illustration of Figure
1.1 [9].
Figure 1.1: DIFFERENT TYPES OF FLEXIBLE FLUIDIC ACTUATORS [1]
2AMs offer a high power density, and can achieve high forces at relatively low pressures.
They are ideal for biologically-inspired applications, mobile robots, and human assistive devices
(prosthetics and orthotics), and HRI applications [10]. Despite their desirable performance traits,
challenges persist with the design and control of AMs due to their nonlinear behavior that is
poorly understood and has yet to be reconciled in current state-of-the-art models. This
dissertation’s primary hypothesis addresses the fundamental modeling and control challenges in
HRI for AMs:
Improvements in the mathematical modeling of artificial muscles to predict how they move
will enable new opportunities for their use in engineering design. New tube stiffness, braid
deformation, and kinetic friction models developed on first principles resulted in a high fidelity
lumped parameter equation of motion for an artificial muscle. The developed model may allow
for model-based mechanical design and model-based control system design. The new models
presented in this dissertation allow for the dynamics of fluidic artificial muscles to be predicted
and have helped realize high-performance model-based controllers.
DISSERTATION OVERVIEW
This dissertation first presents the background information needed to understand the
state-of-the-art in modeling and control approaches for fluidic AMs in Chapter 2. The motivation
and need for improvements in methods for modeling and controlling fluidic AMs are also
presented in Chapter 2. In Chapter 3, contributions made in this dissertation are stated. The high
fidelity dynamic model for an AM is developed in Chapter 4. Model validation and comparisons
between the model simulations and experimental results are reported in Chapter 5. The
model-based control laws are designed and control experiments are performed in Chapters 6 and
7, respectively. The results of the model validation, model limitations, and controller performance
are discussed in Chapter 8. Technical challenges that need to be addressed in the future are
discussed in Chapter 9. In Chapter 10 of the dissertation, conclusions are made about the
modeling and control of AMs that are supported by this body of work.
3CHAPTER 2
BACKGROUND AND MOTIVATION
There has been interest in AM technology since the early half of the 20th century. The
background presented here establishes key information that is known regarding AMs.
Information in the background founds the specific aims of this research, which bestows significant
contributions to the field of soft robotics and fluid power motion control technology. Additionally,
the background establishes the motivation to address technical shortcomings in current
state-of-the-art modeling and control approaches. This chapter reviews published literature and is
divided into the following three background topics: pneumatic artificial muscles (PAMs),
hydraulic artificial muscles (HAMs), and motivation.
2.1 PNEUMATIC ARTIFICIAL MUSCLES
De Levaud filed for a patent on an AM device called an “Apparatus for Generating an
Over-or-Under Pressure in Gases or Liquids,” that was awarded in 1929 [11]. It was followed by
patents by Morin, Woods, and Gaylord, as well as by McKibben, who used a PAM in an orthotic
device. Although these devices are sometimes referred to as “McKibben actuators,” the correct
attribution should be given to the foundational work by Gaylord and others [12–15]. Patents for
PAMs were commercialized through Dynacycle and later by Bridgestone as devices with high
force output capabilities [16–18]. Despite the commercialization of PAMs, their modeling and
control techniques are still studied by researchers. Current literature demonstrates the need for
more comprehensive models that describe how they move in both dynamic and quasi-static
scenarios. In this literature review on the modeling of PAMs, the work on quasi-static modeling is
presented first, followed by dynamic modeling, and thirdly, applied controls for PAMs. After this,
a review of literature on HAMs is presented along with a discussion about their similarity to
PAMs.
2.1.1 MODELING OF PNEUMATIC ARTIFICIAL MUSCLES
The first known model for PAMs was developed by Gaylord and later Schulte confirmed
the mathematics [2, 14]. The PAMs construction consists of a rubber tube with a helical fiber braid
wrapped around the outside and caps on both ends. One of the end caps allows for fluid flow
through an orifice, and in and out of the AM.
4A diagram from Schulte’s work is illustrated in Figure 2.1.
Figure 2.1: SCHULTE’S PAM DIAGRAM [2].
Gaylord established the following model of the force generated by the AM:
F =
PpiD245
2
(3 cos2 θ − 1) = P 3L
2 − b2
4pin2
, (2.1)
where F is the force exerted by the PAM, P is the internal pressure, D45 is the diameter of the
sheath at θ = 45 deg, θ is the angle between the fiber strands and the longitudinal axis of the AM,
b is the length of the helical fiber braid, n is the number of times the helical fiber braid wraps
around the tube, and L = L0 − x, the length of the AM, where x is the displacement, and L0 is the
initial AM length [14]. This model was determined via the principle of virtual work. Gaylord also
determined algebraic expressions for the length of the AM related to the braid angle θ and the
maximum stroke length as a function of braid angle (the maximum braid angle being 54.7
deg) [14]. The majority of literature recognizes Gaylord’s early work as the first modeling
approach developed for a PAM using the principle of virtual work. From Gaylord’s initial work,
research on improving the understanding of PAMs focuses on their static characteristics. In
comparison, little work on improving the understanding of how PAMs move, i.e., their dynamics,
has been completed.
STATIC MODELING OF PNEUMATIC ARTIFICIAL MUSCLES
Building on Gaylord’s work, Schulte added two additional terms to the force equation in
2.1, the second term modeling the elasticity of the rubber tube and the third term modeling the
internal friction effects, giving
F =
PpiD2
2
(3 cos2 θ − 1) + piDke
(
L sin θ − pi cos
2 θ
sin θ
(D sin θ − do)
)
− piLDPc(us + ust) sin θ, (2.2)
where D is the diameter of the tubing when θ = 90 deg, θ is the angle between elemental length of
helical fiber and longitudinal axis of the tubing, P is the internal pressure, ke is the elastic constant
5of the inner tubing (assumed to be equal in axial and circumferential directions), L is the length of
the device at any value of θ, do is the diameter of the tubing when not inflated and at its
equilibrium length, us is the coefficient of friction between the strands of the helical sleeve, ust is
the coefficient of friction between the strands of sleeving and the rubber tube, and Pc = P− Pi is
the difference between the internal pressure of the device, P, and the pressure required to inflate
the unconstrained inner tube, Pi [2].
After the commercialization of PAMs by Bridgestone and Dynacycle a resurgence of
research on PAMs and twisting flexible fluidic actuators (FFAs) was spearheaded by Paynter who
referred to them as “pneumatic twistors and tuggers”, as shown in Figure 1.1, often using them in
antagonistic pairs [2, 14, 16, 18]. Paynter modeled these actuators by describing their change in
enthalpy, with the geometry interpreted as a bicone, giving similar results to those reported by
Gaylord. The addition of experimentally-determined parameters allowed for Paynter to use
PAMs for open-loop motion control in mechatronic systems [1, 19, 20].
Klute et al. was the first to introduce a Mooney-Rivlen model in a quasi-static PAM
model [21]. Klute et al.’s approach led to a detailed expression for the AM force model, improving
the accuracy of Gaylord’s and Schulte’s model [2, 14, 21]. The expression accounted for the elastic
energy storage using a Mooney-Rivlin model,
F = P
3(λ1L0)2 − b2
4pin2
−Vb
(
1
2L60λ
3
1
(
4(C10 + C01)L20(−1+ λ41)
)
+
4L60(−1+ λ1)λ21(1+ λ1)(C10 + C01λ21)(−4n2pi2R2o + L2o(−1+ λ21))2 −
4L40(C10 + C01λ
4
1)
−4n2pi2R20 + L20(−1+ λ21)
− L
4
0λ
4
1(C10 + C01(−1+ 2λ21))
n2pi2R20
)
,
(2.3)
where R0 is the resting state radius of the PAM, Vb is the bladder volume, C10 and C01 are the
Mooney-Rivlin material coefficients, and λ1 is the stretch ratio along the longitudinal axis
λ1 = L/L0 [21]. Klute et al. also investigated the fatigue characteristics [22]. Chou and Hannaford
arrived at the same expression as Gaylord, but also included an additional term accounting for the
geometric properties of the braid and rubber tube [23, 24]. Tsagarakis et al. modeled PAMs, by
also including the surface profile near the end caps, including the frictional terms from Chou and
Hannaford, as well as a constant stiffness term Krubber to address the stiffness in relation to the
6kinematics, giving
F = P
bpiD20 cos
2 θ sin θ + 2b1piD
2
0(cos
3 θ−cos3 θmin
3
2b sin θ + 4b1(cos θ − cos θmin) − P
piD2cap
4
+ Krubber(b cos θ − Lrubber)
−sign(u)Fr + piP
(
D0tk
(
2 sin θ − 1
sin θ
)
− t2k
)
,
(2.4)
where Fr is the frictional force coefficient, tk is the thickness of the rubber tube, and u is the
actuator velocity [25]. For the static case, the last term is neglected.
Bishop et al. introduced a kinematic approach to PAMs accounting for the angles of the
braid in both directions. This approach theoretically described new motions when the fiber braid
angles in the helical fiber braid assembly are different, which was found to introduce twisting
motions with contraction [26]. Bishop described the PAM’s force based on the developed
kinematic models,
F = P
pir2(1+ 2 cot α cot β) sin2 α sin2 β sin2(α− β)
sin2 α sin2 β sin2(α− β) + (sin2 α− sin2 β)2 , (2.5)
where α and β are the braid angles of the fibers wrapped in opposing directions. This expression
excludes material properties needed for useful analytic design [27]. The effect of the fiber braid
angles on PAM kinematics and volumetric change was validated with experimental results in
more detail, establishing the different possible motions that PAMs could produce with changing
braid angles [28]. This generalized kinematics approach was further expanded by Krishnan et al.,
allowing for an alternative type of AM, where α 6= β, helping realize the complex motions
(twisting and contraction) needed for human assistive devices [29, 30]. While the multi-degree of
freedom motions possible by changing the braid angles may have many new applications, the
mode of pure contraction of AMs is the primary focus of this work and the study of complex
motions is out of the scope of this dissertation.
Another experimental model approach of PAMs was formulated by Sarosi et al. as
Fmuscle(p1, p2, φ) = [a1δp + a2]exp(a3e) + a4eδpa5δp + a6 (2.6)
where δp is the internal pressure of the PAM, ai are the experimental coefficients, and e is the
contraction ratio [31]. Sarosi’s model was later used by Landkammer et al. in a robotic system
inspired by the biological structure of a spider leg [32].
Davis et al. incorporated the stress effects and elastic deflection of the fiber braids in
PAMs using a mechanics of materials approach that significantly improved the static-model
accuracy. Through experiments, Davis identified that the strand length of the PAM fiber increased
7by 5%. Davis also identified that decreasing the working control volume increased the response or
cutoff frequency of PAMs, which could provide utility in system design [33].
Ball et al. described the effect of bladder geometry on the characteristics of PAMs using a
Mooney-Rivlin model for the hyperelastic behavior of the bladder. The Mooney-Rivlin strain
energy model presented for the PAM bladder geometry describes the force from the PAM’s rubber
strain energy, which could potentially be used to formulate a new state-of-the-art stiffness term in
static and dynamic models [34]. This work by Ball et al. built upon the Mooney-Rivlen approach
that was implemented by Kothera et al. [35]. Ball’s model included three principal stretch ratios of
λ1, λ2, and λ3, in terms of analytical expressions of the diameter and length [34, 36]. However, the
quasi-static force approach to describe the elastic energy storage of the rubber tube in AMs does
not provide enough information to establish a clear algebraic nonlinear stiffness term for AMs in
dynamic models.
Doumit et al. developed an analytical model for a PAM taking into account the nonlinear
stress-strain relationships of the rubber as polynomial curve fit and mechanics of material
approach to express the tube stress with the adoption of thin-wall pressure vessel theory [37].
Thomella and Van de Ven investigated the effects of using a Gent material model with the theory
presented by Kothera et al. [38]
Davis et al. later incorporated the frictional effect from the braid on braid interaction [39].
Davis suggests that work by Tondu and Lopez confirms that the interaction between the braid
and inner rubber tube does not present a significant source of friction [40]. However, this
contradicts the experimental data and efforts to minimize the friction via lubrication as shown by
Chou et al. and suggests that Coulomb friction is the dominating type of friction between the
braid and tube [23]. Doumit also identified expressions for the tension in between the braid fibers
and a static friction model using a Newtonian mechanics approach as opposed to a virtual work
approach, resulting in
F− NTf cos θ cos β+ f f s = 0, (2.7)
where F is the AM force, N is the number of fiber braids, Tf is the tension in the fibers, β is the end
cap curvature angle, and f f s is the fiber to fiber friction [37].
This approach demonstrated improved static force modeling over the Chou and
Hannaford model yet exhibited nominal root mean square errors as high as 74% [37]. Doumit also
8included expressions for the friction as
f f r =

−P2 A f fµd v < 0
∑ Fx + PA f fµd ∑ Fx ≤ 0, v = 0
P2 A f fµs ∑ Fx > 0, v = 0
P2 A f fµd v > 0

, (2.8)
where A f f is the fiber to fiber contact area, µd and µs are the dynamic and static coefficients of
friction, Fx is the static friction force, P2 is the internal pressure, and v is the actuator velocity [37].
The total fiber to fiber contact area is determined by A f f = d f zq, where d f is the fiber diameter, z
is the width of the flat parallelogram patch that makes up the fiber to fiber contact area, and q is
the number of those fiber to fiber contact patches. The number of contact patches is
q = 2n(N/2)2 − N/2 where N is the number of fibers. Doumit et al. developed a new stiffness
model that accounts for the friction between each of the fiber braids, with the force from the
braid-braid friction being:
Ff f = Pµ f f
( L2yd2f
2L
√
L2y − L2
)(N
2
(nN + 1)
)
, (2.9)
where µ f f is the fiber on fiber friction coefficient [41].
Vo Minh et al. introduced a hysteresis term for the static model that used a Maxwell-slip
model with heuristically determined parameters [42, 43]. While this model was able to match the
experimental data, it required empirical determination of at least 8 parameters for the hysteresis.
Wickramatunge et al. studied the mechanical behavior of PAMs and empirically modeled
their elastic force as a nonlinear spring dependent both on pressure and length in the form of a
quadratic equation, i.e., F = KL and K = h2P2 + h1P + h0, where hn are experimentally
determined parameters [44].
DYNAMIC MODELING OF PNEUMATIC ARTIFICIAL MUSCLES
Caldwell et al. dynamically modeled the PAM using a discrete transfer function and
experimentally determined parameters,
B(z−1)
A(z−1)
=
(A0 + A1z−1 + A2z−2)z−3
B0 + B1z−1 + B2z−2 + B3z−3
. (2.10)
Caldwell used this model to design discrete closed loop control systems for PAMs [45,46]. Paynter
and Nagurka described the use of PAMs for active leveling, tuning, and damping of vehicle
9suspensions and motor mounts and illustrated the position dependent nature of the force output
in PAMs [47].
Tang et al. developed a dynamic model for an opposing pair of PAMs and compared
simulation results to physical system behavior. Tang et al.’s methods included simulating and
experimentally testing the open-loop response of PAMs for step and sinusoidal inputs. The
dynamic model from Tang et al. was described by the equation of motion,
Mx¨ + Bx˙ = F2 − F1 − Ff , (2.11)
where M is the mass, x is the position of the mass connected to the opposing PAMs, B is the
viscous damping coefficient, F1 is the force produced from the PAM on the left-hand side of the
mass, F2 is the force from the PAM on the right-hand side of the mass, and Ff is the frictional force.
Tang’s model did not include the stiffness of the PAM, which is a function of the pressure and the
position, i.e., the elastic energy stored in the hyperelastic material [48].
Ganguly et al. used an empirical approach to dynamically model PAMs,
Fs(p, e, e˙) = (a1 + a2 p) + (a3 + a4 p)e+ (a5 + a6 p)e2 + a7e3 + a8e4− (b1 + b2 p)e˙− ccsgn(e˙), (2.12)
where p is the internal air pressure, e is the contraction rate of the PAM, a1-a8 are static parameters
determined experimentally, and b1, b2, cc are dynamic parameters of friction [49]. Lui et al. later
implemented Ganguly’s force model in a sliding mode control (SMC) scheme with the equation of
motion,
Mx¨ + Bx˙ = Fm − Fc, (2.13)
where Fm is the contraction force and Fc is the force of the cylinder providing load to the PAM [50].
Robinson et al. used a simplified quasi-static model to obtain an equation of motion for a
PAM-driven robotic manipulator, resulting in
C1(Θ)P + C2(Θ) = JΘ¨+ BΘ˙+ mgr sin(Θ), (2.14)
where J is the mass moment of inertia, mgr sin(Θ) is the torque due to gravity, and C1 and C2 are
torque and stiffness functions, respectively. The pressure was defined as the control input for the
system by Robinson et al., which is more simplified compared to other approaches using the mass
flow dynamics into the control volume [51, 52]. Due to this simplification, Robinson’s approach
defines a first-order sliding surface. Robinson’s experiments result in significant tracking errors
with their SMC laws and indicate little improvement over PID methods [53].
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Driver et al. modeled a PAM using Chou and Hannaford’s force model in a robotic arm
system as
θ¨ =
1
J
(
τa − τK − τG − Bθ˙
)
, (2.15)
where θ is the angular position of the robotic joint, B is the viscous friction coefficient, τa is the
actuation torque that uses Chou’s model, τK is the spring torque in the robotic joint, and τG is the
torque generated from gravity [51]. Driver et al. also incorporated the pneumatic pressure
dynamics with idealized valve dynamics. The latter was widely popularized by Richer et al.,
where the command input is the valve position or aperture area of the valve [54].
Kang et al. modeled the dynamic system of an antagonistic pair of PAMs for a rotational
joint and arrived at an expression similar to Tang et al.’s. Kang et al.’s model is
Jθ¨ + Bθ˙ = (F1 − F2)r, (2.16)
with r being the radius of the pulley attaching the cable to the AMs and F1 and F2 being the force
model from Gaylord, with the inclusion of a friction term [48, 55]. Kang et al.’s friction model to
describe the thread to tread effects is
Ff riction = cv e˙+ ccsgn(e˙), (2.17)
where cv and cc are experimentally determined parameters and e˙ is the rate of change of the strain
(normalized displacement) of the AM [55]. Kang’s friction model was based on the form of
Tondu’s, whose dynamic model was presented as
Fdynamic = F− f (1/n)ScontactPsgn(x˙) = mx¨, (2.18)
where f is a general three parameter model for the dynamic dry friction, and Scontact is the total
contact surface of the shell against itself (the braid against the rubber tube) [40]. The dry friction
three parameter relationship is
f = fk + ( fs − fk)e(x˙/x˙s), (2.19)
where fs is the static dry coefficient of friction, fk is the maximum kinetic dry coefficient of friction,
and x˙s is the velocity constant in between fs and fk, which are determined heuristically [40].
Hosˇovsky´ et al. presented a nonlinear empirical dynamic model with terms for the force,
damper, and spring based on a modified Hill model and a variable damper [56–58]. The modified
Hill model was later used and refined by To´thova´ and Pitel’ et al [59–61].
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Hosˇovsky´ et al. and Slightam and Nagurka introduced a multi-variate damping term to
describe the damping force as
FD = µPζ˙, (2.20)
or
FD = µPx˙, (2.21)
where ζ˙ is the rate of the contraction ratio and x˙ is the rate of displacement. The coefficient µ in
equation 2.20 and 2.21 is described as an area normalized coefficient of friction. These models
demonstrated the multivariate Coulomb friction between the braid and the bladder [62], [63]. This
method was first introduced by Davis et al. [33], [39]. In [62], Hosˇovsky´ et al. identifies this
damping force as a single term while Slightam and Nagurka identified the entire damping force
as:
FD = µPx˙ + cx˙, (2.22)
where the linear damping term is likely to be a result of the braid on braid friction and internal
damping of the rubber tube [63], [39]. Sarosi et al. modeled a PAM as a linear mass spring damper
with an empirical linear frictional coefficient and nonlinear spring rate [64].
Choi et al. studied the effect of stiffness modifications in PAMs and modeled the PAM as
Mx¨ + B(P)x˙ + K(P) = F(P)−Mg, (2.23)
with the damping, stiffness, and force terms of the model using empirical first-order
polynomials [65].
Kumar et al. implemented PAMs into a multi-joint robotic arm and neglected any
damping or stiffness terms in their dynamic model for a PAM. Kumar et al. also used heuristical
approaches to determine the pressure dynamics, disagreeing with past approaches and pneumatic
modeling methods [66].
Klute et al. identified that AMs have significantly less velocity dependent damping than
biological muscles. The addition of hydraulic dampers can increase the overall damping and
improve controllability, similar to ideas introduced by Wait and Goldfarb [67], [68]. Improving the
understanding of the damping phenomenon in AMs may allow for designs that are more closely
related to biological analogs and improve controllability.
Literature on the static and dynamic modeling of PAMs makes it clear that there are three
main deficiencies in dynamic models: (i) PAM stiffness is often neglected or not precise, (ii) no
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analytical PAM stiffness model exists, and (iii) no predictive analytical solution exists to model
kinetic friction effects between the rubber tube and helical braid.
CONTROL OF PNEUMATIC ARTIFICIAL MUSCLES
As previously mentioned, PAMs were modeled by describing the change in enthalpy in
the control volume [1, 19]. Using this approach, Paynter demonstrated accurate open-loop control
with experimentally-determined parameters [20]. Applications of this work include vehicle
suspensions and engine mount vibration dampening [47]. Caldwell illustrated that closed-loop
control could be achieved using discrete linear feedback control theory with the model presented
in Equation 2.10 [69].
Model-based control techniques have proven to be practical and superior in many cases
compared to linear control theory; this includes applications in pneumatics and robotics. Sliding
mode control (SMC) methods have been a topic of substantial research, especially in applied fluid
power applications, such as the motion control of flexible fluidic actuators (FFAs). SMC
approaches have seen many successes due to their ability to mathematically converge the error
dynamics to zero over a given trajectory and implement high speed digital switching that enables
powerful and robust tracking behavior [5]. For example, Comber et al. applied a sliding mode
position controller on a pneumatic five degree-of-freedom (DOF) magnetic resonance imaging
(MRI) compatible steerable needle robot that exhibited needle tip errors of 0.78 mm or less, smaller
than the voxel size of most MRI machines [70]. De Volder et al. illustrated positioning accuracy of
+30 µm using proportional integral SMC (PISMC) [71]. Additionally, SMC systems have been
implemented on hydraulic manipulators and chemically powered pneumatic FFAs [72, 73].
Some literature points out the limited performance using linear control theory. Surdilovic
et al. used linear control theory for motion control of flexible pneumatic actuators and reported a
low position accuracy of 10 mm [74]. Linear control theory applied to the motion control of FFAs
exhibited controller performance that had significant overshoot (12%) and was sensitive to noise,
changes in supply pressure, temperature, and pipe length [69]. Undesirable steady-state errors
were achieved using PI position control in antagonistic pairs of PAMs, suggesting nonlinear
control methods are needed [75]. In contrast, SMC approaches showed substantial tracking
improvements when compared to classical PID controllers for PAMs [50].
Model-based control of soft actuators such as FFAs is of strong interest in current research
and was identified as one of the top scientific needs to realize human-robot interaction by 2015
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Multi-Annual Roadmap for Robotics in Europe [6]. Lilly et al. developed a sliding mode angular
position controller for an antagonistic pair of PAMs and simulated an approximate maximum
tracking error of 1.15 deg with a 20 kg payload [76]. Comber et al. reported a maximum
steady-state error of 0.015 mm using sliding mode position control of an oblate flexible pneumatic
needle driver [52]. Nakamura et al. used model-based force and position control of PAMs
reinforced with glass fibers [77]. Chettough et al. reported the results of implementing a SMC
design based on a second-order linear transfer function model and methods described by Utkin
on robot joints driven by antagonistic pairs of PAMs [78, 79]. Chettough et al. reported a
maximum steady-state joint error of 4.7E-3 rad (0.27 deg) [78]. Chettough et al. later implemented
a twisting SMC algorithm that demonstrated overshoot of 0.6 deg and steady-state error of
approximately 0.25 deg [80]. Van Damme et al. implemented a proxy-based SMC for human robot
interaction of a 2-DOF robot manipulator driven by PAMs that demonstrated a maximum
tracking error of 0.017 cm for an end-effector circular trajectory [81].
Another control approach applied to PAMs is iterative control, as presented by Baek et
al. [82]. Iterative control algorithms use the inverse model and a frequency response function to
find the optimal control parameters, and have demonstrated a root mean square tracking error of
0.4 deg [82].
Liu et al. proposed two types of SMCs for PAMs based on an empirical model, testing
them experimentally and comparing them to a PID control law. Lui et al.’s SMC demonstrated
approximately half the error of a PID controller for sinusoidal tracking [50].
Hesselroth et al. implemented a neural-network controller on a 5 joint PAM driven robot
arm that resulted in end effector errors of approximately 3 mm [83]. Van der Smagt later included
the hysteretic force relationship with a neural-network controller [84]. Van der Smagt illustrated
approximately 1.5 deg joint errors when tracking a sinusoidal wave, whereas a manufacturer
provided PID controller exhibited up to 15 deg tracking errors of the same trajectory [84].
Tondu reported that an integral (I) controller can sufficiently replace a PID control scheme
for an AM and that increases in both damping and inertial loads improve the controllability of
PAMs [85]. However, the I controller still gave significant tracking errors in sinusoidal tracking
experiments, e.g., approximately 10 mm tracking errors tracking a sinusoidal wave at 0.1 Hz [85].
The performance improvements of model-based control methods have been
experimentally validated in a variety of soft actuation systems. For example, a haptic device,
made using a Delta robot driven by PAMs, implemented position and stiffness control with a PI
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computed torque and stiffness control method, and resulted in an average maximum position
error of 1.17 mm [86]. Sardellitti tested sliding mode torque and stiffness control for
antagonistically actuated contractile flexible pneumatic pairs and experimentally confirmed
excellent tracking, i.e., maximum error of 0.12 N-m and 0.06 N-m/rad for torque and stiffness
tracking, respectively [87]. Ugurlu et al. described a novel torque and force control using feedback
linearization to be implemented in future exoskeleton systems [88]. Driver and Shen tested a SMC
system on a hybrid sleeve flexible pneumatic actuator that exhibited a maximum of 3 deg tracking
error when following a 20 deg amplitude sinusoid wave at 1 Hz [51]. A maximum of 0.41 deg
tracking error was reported when using a sliding mode position controller on an oblate rotary
flexible pneumatic actuator [89]. Ivlev reported that along with the accurate control of oblate
rotary flexible pneumatic actuators in [89], the inherent compliance would be suitable for safe
human-robot interaction, e.g., in the use of exoskeletons [90].
PERFORMANCE
Caldwell developed lumped parameter models for the design and control of FFAs and
specified the specific power of PAMs to be 1.5 kW/kg [45, 46]. Hannaford gave a larger specific
power of 10 kW/kg [9]. Studies of PAMs report efficiencies ranging from 32 to 49% [23]. It was
noted that efficiencies may be improved by using unfolding geometries; however, they are
difficult to manufacture [91]. While the literature indicates computer-aided design plays a
significant role in the design of FFAs, e.g., FEM, analytical methods for design have also been
proven successful while also contributing to model-based control [10, 28, 52].
2.2 HYDRAULIC ARTIFICIAL MUSCLES
Literature for HAMs has reported their use in applications as early as 1991 by Yoshinada
et al. [92]. Since the late 2000s, research in this area has been growing. Despite this interest, there
are several deficiencies that the literature highlights. The main topics HAM literature research has
emphasized include: design, modeling, simulation, experimental characterization, and
application. Work on the modeling and control is sparse.
Literature reported that the typical configuration of a HAM system utilized a servovalve
to control the flow of the hydraulic fluid in and out of the HAM [92–94]. Working fluids used for
HAMs include: seawater, water, glycol-water mixtures, mineral oil based hydraulic fluid,
3D-printed polyethylene glycol, and thermally activated paraffin wax [92–100]. Selection of the
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working fluid is an engineering design problem, as the working fluid drastically effects the
stiffness of AMs as the pneumatic-water hybrid AM in [101] demonstrated, which had a stiffness
of approximately 11 kN/m for air and 60 kN/m for water.
The construction of a HAM is similar to that of a PAM, and consists of a rubber tube
wrapped in a braided fiber (typically made of a polymer fiber) that has one end plugged with a
barbed fitting and a fluidic port barbed fitting on the opposing end [92,95,97,102,103]. Iwata et al.
presented the most notable design characteristics that distinguishes HAM from PAM designs [95].
This work utilized custom reverse taper barbed fittings to accommodate higher hydraulic
pressures as well as adding another chloroprene rubber layer on the outside of a Phenylene-2,
6-Benzobis Oxazole (PBO) fiber braid. Researchers used off-the-shelf PAMs in [96]. The overall
lack of differing designs from PAMs highlights an opportunity to produce new designs that can
demonstrate a greater specific power than what has been reported, which may be due to the lack
of fundamental understanding of the underlying mechanics of AMs.
The performance of HAMs in terms of the indices listed in Table 2.1 has been reported
through results generated by both model simulations and experiments. For example, Zengmeng
et al. demonstrated a water powered HAM with a maximum power of 5.82 kW (maximum force
of 23 kN at 0.25 m/s) with model simulations [94]. While Sangian et al. reported experimental
results of small scale HAMs (6 mm diameter and lengths ranging from 35 to 80 mm) for surgical
applications that had a specific power of 0.03 kW/kg with a maximum force of 26N [103]. Mori et
al. demonstrated a water HAM implemented in a robotic hand for forestry applications, which
produced a holding force of 5 kN [104]. These results were compared to the theoretical and
experimental performance, demonstrating a maximum contractile force of 28 kN and maximum
contraction ratio of 25% [105].
Researchers are in agreement that the mechanical behavior of HAMs due to the actuator
mechanics are the same as PAMs, except for the effects of the working fluid [93, 97, 102–107]. The
models for PAMs are largely based on the early work of Chou and Hannaford as previously
discussed [9, 23]. The data that is presented for the performance of HAMs is incomplete,
considering the standard performance indices as presented by the Department of Energy and
Hannaford and Winters [9, 108]. A summary of key performance metrics of the sparse literature
on HAMs is summarized in Table 2.1.
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Table 2.1: HYDRAULIC ARTIFICIAL MUSCLE PERFORMANCE IN LITERATURE.
Ref. L D Max. P Max. q Max F CR Mass Power BW
[mm] [mm] [MPa] [l/min] [N] [%] [g] [W] [Hz]
[92] 40-60 3 1.97 4.5 490.5 25 5 147.8 200
[93] 300 30 4 100 981 4.9 – 667 13
[103] 35-80 6 0.25 0.5 26 23 2.5 0. 075 –
[109] 186 110 5 – – 33 – – –
[94] 200-300 10, 20, 30 4 50 23179 15 – 5820 –
[107] 160 3.2 0.69 – 35.6 22.7 1.8 – –
[95] 300 21 7 – 8000 – – – –
[100] 35 8.8 0.071 – 2 9 – – –
[110] 292 9.5 0.7 – 1600 25 – – –
[97] 177.8 6.3 0.62 0.8 110 25 – 115 –
[104, 105] 600 40 4 200 28000 18.3 2400 – –
[96] – 20 0.3 – 500 – – – –
[102] – – 1.72 – – – – – –
The AM diagram depicted in Figure 4.2 in Chapter 4 indicates the length, L, and the
diameter, D. Not shown in Figure 4.2 is the internal pressure, P, the flow rate, q, the maximum
force, F, the contraction ratio, CR, and the bandwidth, BW.
One of the most important attributes to highlight regarding the performance of HAMs is
the amount of force that can be produced with a pressure of only 4 MPa. For example, Mori et al.
points out that a similar sized hydraulic cylinder can only produce approximately 18% the force of
the HAM that is operating at 4 MPa, with the same diameter of 40mm. Some of the literature that
is lacking in detail of the metrics shown in Table 2.1, such as Chipka et al., identify that the
efficiency of hydraulic flow control systems is typically double that of pneumatics, at around
60% [102]. This near doubling of efficiency over pneumatic counterparts was also reported by
Meller et al., describing HAMs to be 180% more efficient than PAMs. Efficiencies of HAMs were
reported to be as high as 80% [111]. For greater utility in comparing HAMs to other common
actuation technologies, it is useful to put the performance of HAMs reported in literature in the
format of common indices summarized by the Department of Energy [108]. HAMs compared to
human muscle, electromagnetic actuators, and hydraulic actuators are described in Table 2.2.
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Table 2.2: HYDRAULIC ARTIFICIAL MUSCLE PERFORMANCE COMPARISON.
Actuator Strain Stress Specific Power Bandwidth Stiffness
% [MPa] [W/kg] [Hz] [MPa]
Muscle 20 0.35 50 30 20
Electromagnetic 50 0.035 200 30 0.1
Hydraulic 70 20 2000 50 1380
HAM 25 3.5 29560 50 2.75
Comparing the performance indices of other actuation technologies with respect to
HAMs indicates that HAMs exhibit muscle like traits in terms of stroke, stress, bandwidth, and
stiffness capabilities. While having these traits, HAMs exhibit specific power that is orders of
magnitude greater than other actuation technology. It is likely this increases when scaled down.
These attributes of HAMs suggest they are well suited for mobile applications where weight, size,
and load holding capabilities are desirable traits of the actuators implemented.
Additional properties of HAMs that are reported in literature include their dynamic
characteristics. Meller et al. reported a 43% reduction in the damping coefficient of HAMs
compared to PAMs and an 800% increase in the stiffness of HAMs with respect to PAMs [98]. The
cutoff frequency of the HAM system was discovered to be similar to a PAM system by Xiang et al.
with the cutoff frequency of their HAM at 1.08 Hz and their PAM at 1.1 Hz [101]; however, this
cutoff frequency can be affected by the size and configuration of the fluid power system. This is
the extent of dynamic characteristics of HAMs reported in literature, which motivates the
dynamic modeling of HAMs in thoroughness.
2.3 MOTIVATION
The recent revisions of U.S. and European technological roadmaps make it clear that
better modeling techniques that aid mechanical system design and control system design rank
highly in the fundamental scientific challenges that need to be addressed to make
human-robot-interaction a realization. It could be argued that electromagnetic servo drives could
achieve simulated dexterous or soft robot characteristics, but they fundamentally lack the inherent
traits of fluidic soft robots, i.e., back-drivability and inherent compliance. AMs are one of the most
power-dense actuation technologies, and are in the class of soft robot actuators, yet their models
need improvement. Thus, it is clear that addressing the need for model improvement is beneficial
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to not only the soft robotics community but also to the HRI research community.
The shortcomings presented in the current state-of-the-art modeling techniques to
accurately predict the behavior of AMs motivate this work. Namely, the shortcomings motivate
the derivation of a stiffness term that accounts for the strain energy in the rubber tube that is
constrained by the helical fiber braid, in addition to developing analytical approaches to
accurately describe the frictional effects between the fiber braids and rubber tube. Addressing the
need for these AM models may allow for analytical actuator designs and model-based control
methods.
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CHAPTER 3
CONTRIBUTIONS
This dissertation reviews the current state-of-the-art in dynamic modeling techniques for
AMs and concludes that the most advanced dynamic models reported use empirical methods.
Motivated by the review, new models for braid deformation, AM kinetic friction, and the rubber
tube stiffness are formulated to predict the displacement of AMs when they are pressurized.
Using physics-based first principles to develop the models resulted in a high fidelity lumped
parameter second-order dynamic model for AMs that is analytical-like. The model simulation
results compared to experimental results suggest the developed models in this dissertation
improve the current state-of-the-art in modeling techniques and may help gain insights in design
analysis and model-based control methods.
3.1 ARTIFICIAL MUSCLE STIFFNESS MODEL
A stiffness model that allows for the displacement of AMs to be predicted when
pressurized is developed. Using methods developed by Mooney, a hyperelastic stiffness model of
the rubber tube is developed that couples constitutive stress relations of a thin wall pressure
vessel and the constraining force from the braid. Unlike previous hyperelastic tube models, that
only capture the static reaction force of the AM, this model allows for the dynamic response to be
predicted.
3.2 KINETIC FRICTION MODEL
A kinetic friction model is developed based on the relative motion between the helical
fiber braid assembly and the tube. Previous methods for modeling the friction in AMs are highly
empirical. This model expands on previous work that identified the kinetic friction as a function
of the internal pressure and rate of displacement [59, 63]. The model presented in this dissertation
formulates the kinetic friction as a proportional relationship between the relative motion of the
braid-tube assembly and the normal force on the braid from internal pressurization.
3.3 BRAID DEFORMATION MODEL
A model describing the deformation of the helical fiber braid was developed in this
dissertation. This model utilizes a mechanics of materials approach to approximate the axial
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deflection of the braid when operating at higher pressures. Previous models reported in the
literature used the Gaylord force model to describe the braid deformation. This dissertation’s
braid deformation model uses thin wall pressure vessel theory applied to the AM braid which
includes a modified tube thickness as a result of the spaces between braid fibers.
3.4 MODEL-BASED CONTROLLERS
Four new sliding mode controllers were designed using the dynamic model developed in
this dissertation. The SMCs laws were derived with models of differing fidelity. The analytical
nature of the models aids in simulating and establishing model-based controller designs that were
typically empirical approaches reported in literature. The results reported in this dissertation
suggest improvements in the modeling may improve controller performance.
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CHAPTER 4
MODELING OF FLUIDIC ARTIFICIAL MUSCLES
This chapter presents the detailed modeling of AMs for use with pneumatic and
hydraulic systems. A typical AM is made of three main components, (1) a hyperelastic tube, (2) a
helical fiber braid, and (3) end caps to contain the pressurized fluid. The components an assembly
of an AM is shown in Figure 4.1
Figure 4.1: DISASSEMBLED ARTIFICIAL MUSCLE (TOP) AND ASSEMBLED ARTIFICIAL MUSCLE (BOT-
TOM).
The basic working principle of the AM is that when the internal volume is pressurized
with a fluid, it expands the hyperelastic tube that is mechanically constrained by the helical fiber
braid. Depending on the initial conditions of the braid, the AM can contract (like a biological
muscle) or extend. These movements will be described in the following sections.
An equation of motion for AMs is developed based on first principles. A lumped
parameter model and free-body-diagram are presented after the physical phenomena of the AM
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are described. The following sections detail the mathematics of each of the model terms. The
pneumatic and hydraulic pressure dynamics and complete system dynamics are then defined.
4.1 ARTIFICIAL MUSCLES DYNAMICS
An AM is made of a rubber tube encompassed by a helical fiber braid and end caps, with
one end cap allowing fluid flow to be controlled in and out of the AM. The resting and
pressurized states of an AM are illustrated in Figure 4.2 (a) and (b), respectively.
Figure 4.2: ARTIFICIAL MUSCLE DIAGRAM: (A) UNPRESSURIZED STATE, (B) PRESSURIZED STATE,
(C) HELICAL BRAID, AND (D) GEOMETRIC RELATIONSHIPS OF UNWOUND BRAID, LENGTH, AND
DIAMETER.
The length L of the AM is
L = L0 − xt, (4.1)
where L0 is the initial length of the AM and xt is the displacement of the free end of the AM
(positive displacement is towards the fixed end of the AM). The AM is assumed to be a uniform
cylinder to simplify the braid kinematics. The length, L, is related to the helical fiber length, b, by
the braid angle θ, and n is the number of times the braid wraps around the rubber tube as shown
in Figure 4.2 (c). The angle at which the fiber braid wraps around the rubber tube, with respect to
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the primary longitudinal axis, relates to the length of the cylinder, L, by
L = b cos θ. (4.2)
Geometrically, the length L and braid length b can be related to the diameter of the braid by
D =
b sin θ
npi
. (4.3)
The holding force generated by the AM as it is pressurized can be derived using the principle of
virtual work, F = −P(dV/dL), developed by Gaylord and later refined by Chao and
Hannaford [14,23]. The actuator’s cylindrical volume, V, in terms of the length, L, is the geometric
formula for the volume of a cylinder, substituted with Equation 4.3. When squaring Equation 4.3
and using the cosine half-identity formula, the volume can be defined by the AM kinematics.
Rearrangement after squaring and applying the cosine half-identity formula to Equation 4.3 gives
V =
piD2
4
L =
pi b
2
n2pi2 (1− cos2 θ)
4
L =
b2(1− L2/b2
4n2pi
L =
L(b2 − L2)
4pin2
. (4.4)
The force from the internal pressure of the actuator is the differentiation of the actuator volume
with respect to L, i.e., the principle of virtual work. The holding force if neglecting the force due to
the pressure on the free-end cap is
FG = P
(3L2 − b2)
4pin2
, (4.5)
where FG is the Gaylord holding (reaction) force model of the AM and P is the internal pressure.
This relationship between the reaction force at the free end of the actuator and the internal
pressure and displacement is useful for determining the equivalent mass and friction that act in
the axial direction of the AM, as shown later.
Most models in the literature start with the Gaylord model and use static equilibrium and
account for friction, forces from the tube, and braid friction effects to improve the accuracy of the
static force model. This force model, with additional terms to improve force prediction accuracy,
does not describe the motion generated as a function of pressure and loading conditions. This
chapter develops a comprehensive dynamic model based on first principles that can accurately
simulate the quasi-static and dynamic behavior of AMs. To do this, the following physical
phenomena occurring in an AM are considered:
• Inertia.
• Internal damping of rubber tube.
• Stiffness of rubber tube with the constraints of the braid.
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• Braid-tube friction.
• Deflection of the braid.
Assumptions that are made include:
• Inertia is lumped at the free-end (moving end cap).
• Hysteresis is assumed to be negligible.
• Thermal effects are neglected for operation less than 50 Hz.
• The free end is properly constrained to move freely along x.
• Operation is in standard room temperature and pressure conditions.
In the model developed in this dissertation, the driving force of the motion is the force
from the internal pressure acting on the inner area of the tube, defined by
F = PAt, (4.6)
where At is the internal area of the tube,
At = pi(L0 − xt)Di, (4.7)
where Di is the inner diameter of the tube,
Di =
√
b2 − L2
pi2n2
− 4VR
piL
, (4.8)
where VR is the volume of the rubber tube. Knowing the driving force of the AM motion as a
function of pressure, the equation of motion can be written from the mechanical model shown in
Figure 4.3:
Meq x¨t + Ff eq(xt, x˙t, P) + kmr(xt, P)xt = F, (4.9)
where Meq is the equivalent mass of the free end of the AM that can be determined from M, the
mass attached to the free end of the AM, Ff eq(xt, x˙t, P) is the equivalent friction force that accounts
for the two dampers in Figure 4.3, kmr(xt, P) is the Mooney-Rivlen tube stiffness, c is the internal
material damping, and µ is the coefficient of kinetic friction.
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(a) (b)
Figure 4.3: ARTIFICIAL MUSCLE MODEL AND FREE-BODY-DIAGRAM.
Using Equation 4.5 and setting Mx¨t = FG , solving for P, and multiplying both sides by
At results in the relationship for Meq,
Meq =
4pin2 At M
3L2 − b2 . (4.10)
The approach used to determine Equation 4.10 can also be used for the braid-tube friction to
determine Ff eq.
4.1.1 TUBE STIFFNESS
Elastic energy is stored in the rubber tube when it is displaced due to an internal pressure
or external loading. Describing this spring behavior can be used to model the displacement of
AMs when pressurized. Hyperelastic models of the rubber tube mechanics are considered to be
state-of-the-art approaches to describe the reaction force from the tube. A fundamental
assumption of hyperelasticity is that the material is incompressible, i.e., Poisson’s ratio is 0.5. For
AMs, a Mooney-Rivlen tube stiffness model was first implemented in a uniaxial form by Klute et
al. The spatial strain energy storage in the bladder material was accounted for by Kothera et al.,
Ball et al., and a Gent material model by Thomalla and Van de Ven [21, 34, 35, 38]. Although these
models describe the components of the reaction force produced by AMs, they do not describe the
motion as a result of being pressurized.
26
The initial resting state and the pressurized state are shown in Figure 4.4, which is
assumed to be cylindrical.
Figure 4.4: DIAGRAM OF TUBE DEFORMATION UNDER PRESSURE.
The initial inner diameter of the tube is Di0 and the deformed inner diameter is Di. Figure
4.5 shows the loading on an arbitrary cross-section segment of the tube and a free body diagram.
Figure 4.5: LOADED TUBE SEGMENT CROSS-SECTIONAL DIAGRAM AND STRESS ELEMENT.
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In the free body diagram, P is the internal pressure acting on the internal area of the tube, σ1 and
σ2 are the principal stresses from the theory of large deformations, and Pb is the reaction pressure
from the braid constraining the tube [112].
Mooney’s model is based on the strain energy density function W, defined by
W(λ1,λ2,λ3) = C1
(
λ21 + λ
2
2 + λ
2
3
)
+ C2
(
1
λ21
+
1
λ22
+
1
λ23
)
. (4.11)
where C1 and C2 are material constants, λi are the principal stretches, and the material is assumed
to be isotropic and isometric (incompressible). The constant volume condition requires that
λ1λ2λ3 = 1. (4.12)
The principal stretches λ1, λ2, and λ3 are
λ1 =
L
L0
, (4.13)
λ2 =
Di
Di0
, (4.14)
and
λ3 =
1
λ1λ2
. (4.15)
Mooney identifies that the differential in the strain-energy density function allows for the
difference in the principal stresses to be determined as a function of principal stretches and their
directions
dW = σ1λ2λ3dλ1 + σ2λ3λ1dλ2 + σ3λ1λ2dλ3 = σ1
dλ1
λ1
+ σ2
dλ2
λ2
+ σ3
dλ3
λ3
, (4.16)
where one of the differentials may be set to zero (dλi = 0) to determine the difference in principal
stresses [112]. In Equation 23 of Mooney’s paper, dλ1 = 0 is used to solve for the biaxial absolute
stresses; however, in the case with the cylindrical tube, it is assumed dλ3 = 0 [112]. This
assumption gives
dW =
∂W
∂λ1
dλ1 +
∂W
∂λ2
dλ2 =
dλ1
λ1
σ1 +
dλ2
λ2
σ2. (4.17)
Rearranging results in
σ1 − σ2 = λ1 ∂W∂λ1 − λ2
∂W
∂λ2
, (4.18)
where σ1 and σ2 are the principal stresses and the partial derivatives are
∂W
∂λ1
= 2C1λ1 − 2C2 1
λ31
(4.19)
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and
∂W
∂λ2
= 2C1λ2 − 2C2 1
λ32
(4.20)
Figure 4.5 illustrates that the biaxial absolute stresses from the hyperelastic deformation
are the same as the axial and hoop stresses in a thin wall pressure vessel. Defining this equality,
the absolute stresses can be substituted with constitutive stress relations for the principal stresses
of a thin-walled pressure vessel, i.e., σ1 = σp1 = PDi/2t and σ2 = σp2 = PDi/4t. Adding the
reaction pressure due to the constraining force from the braid to satisfy static equilibrium gives
σ1 − σ2 = Fb 4pin
2
3L2 − b2 −
PDi
4t
(4.21)
where t is the tube wall thickness and Fb is the force axial tension in the helical fiber braid. The
reaction pressure, Pb, is Equation 4.5 solved for the pressure with the constraint force Fb replacing
FG. The constraining force from the braid, Fb, is proportional to a constant C3 and pressure P.
Combining the Mooney-Rivlin stress-stretch relations, thin wall pressure vessel stress
relationships, and reaction pressure from the braid, i.e., substituting Equations 4.19-4.21 into 4.18,
a single relationship can be written as a Hooke-like stiffness model. After substitution,
multiplying both sides by the inner tube area and factoring out x, the tube stiffness is
kMR = 8pit
(
L0
x
− 1
)[
4pin2C3P
3L2 − b2 − C1
(
λ21 − λ22
)
− C2
(
λ−22 − λ−21
)]
(4.22)
This Mooney-Rivlen stiffness model allows for the displacement and motion to be predicted as the
AM is pressurized.
4.1.2 FRICTION
The friction force Ff eq shown in Figure 4.3 accounts for the static friction, internal
damping, and kinetic friction [63, 113]. This friction model will be dissected to explain the friction
model constituents.
KINETIC FRICTION
Zooming in on a section of a braid that wraps around the tube and pressurizing the AM
reveals the braid rotating relative to a small section of the tube, as shown in Figure 4.6.
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Figure 4.6: RELATIVE MOTION BETWEEN BRAID AND TUBE.
As the cylinder of the tube expands radially and shortens in the direction of xt, a segment of the
tube as shown in Figure 4.6, deforms in the direction of xt by e at a rate of e˙. This cumulative
strain rate along the length of the AM is x˙t, as shown in Figure 4.6. In addition, the braid angle
displacement over time is angular speed θ˙. The relative motion in the direction of the longitudinal
axis of the AM is the relative velocity needed to describe the kinetic friction between the braid and
tube, represented by
x˙tr = bθ˙ cos θ + x˙t. (4.23)
The area in contact between the braid and tube is a function of the contact area of a fiber
braid Ab and the number of braids, N. The kinetic friction is proportional to the normal force,
contact area, relative motion between the braid and tube, and the coefficient of kinetic friction.
With the addition of effects due to internal damping, the friction function for an AM is defined as
Fkinetic = µk NPAb(bθ˙ cos θ + x˙t), x˙t 6= 0, (4.24)
where µk is the coefficient of kinetic friction, Ab is the length of the area of the braid in contact
with the rubber tube, and N is the number of braids. This friction model is the analytical form of
the simplified term µx˙tP in [37], [41], [58], and [63], first presented herein.
INTERNAL DAMPING
In the motion of solid objects, a macro-scale damping is observed that is a result of the
interaction of the crystal structure with itself. This is sometimes referred to as internal damping.
The dissipative effect translates to a build up of internal thermal energy. Overall, this dissipative
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phenomena can be described by a proportional relationship:
Finternaldamping = cx˙ (4.25)
where c is the internal damping coefficient and x˙ is the velocity of the material deforming. The
internal damping constant is usually determined empirically. The internal damping ratio, which
can be used to determine the damping coefficient can be determined using
c =
F(t)
ωxint
(4.26)
where xint is the x intercept of the response of a solid material, F(t) is the excitation force, and ω is
the frequency of the excitation force, as presented by Rao [113]. This method has proven effective
for different flexible fluidic actuator applications [3]. For a flexible fluidic actuator, this is
accomplished by measuring the decay of the actuator over time from rapid depressurization as
shown in Figure 4.7.
Figure 4.7: EXAMPLES OF EXPERIMENTAL RESULTS OF DETERMINING INTERNAL DAMPING COEFFI-
CIENT [3].
Ideally, an internal damping model would use an empirical damping coefficient that is
analogous to a Coulomb friction model and incorporates the material geometry and motion as
Snowdon describes [114]. This independent damping coefficient is discussed by Gehman and
Kimball as the normalized viscosity, known as η. The independent form of internal damping
relates to the geometry and material of the component:
η = c
h
A
(4.27)
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where h is the height of the rubber and A is the loaded area of the material being deformed [115].
For an AM, h = L and A = pi(r2o − r2i ). Substituting gives
c = η
A
h
=
ηL
pi(r2o − r2i )
(4.28)
where η can be looked up in a table based on the material and shape factor. Rewriting the original
internal damping model gives
Finternaldamping =
ηA
h
=
ηL
pi(r2o − r2i )
x˙ = cx˙t (4.29)
STATIC FRICTION
The static friction in the model is based on Coulomb dry friction and depends on the
same kinematics that the kinetic friction model uses. However, the static friction model applies
when the velocity x˙t is zero,
Fstatic = µsNPAb cos θ, x˙t = 0, (4.30)
where µs is the coefficient of static friction for the AM. The braid contact area is also considered to
be continuous as in the kinetic friction model.
COMBINED FRICTION MODEL
Combining the kinetic, static, and internal damping phenomenon results in a single
piecewise expression for the friction (damping elements) in the AM model.
Ff =
{ ±µsNPAb cos θ x˙t = 0
ηL
pi(r2o−r2i )
x˙t + µk NPAb(bθ˙ cos θ + x˙t) x˙t 6= 0
(4.31)
Assuming the static friction is negligible and using the method to define Meq in Equation 4.10
from Equation 4.5, the equivalent friction is
Ff eq =
4piAtn2
3L2 − b2
(
cx˙t + µk NPAb(bθ˙ cos θ + x˙t)
)
. (4.32)
4.1.3 BRAID STIFFNESS
An increase in internal pressure of AMs results in stress in the helical braid. Stresses in the
braid are a result of the effective pressure on the outside of the tube pushing outward on the
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braid. The braid stiffness is more prevalent with higher operating pressures, such as when
hydraulics are used. A braid stiffness model was first developed by Davis et al. but described the
braid stiffness in terms of the force model [33, 39]. The model for the braid stiffness presented here
is based on strength of materials theory for pressure vessels, which can aid in predicting
additional displacement in AMs due to stresses in the braid.
The stress, displacement, and stiffness of the braid can be modeled when assumed to be a
thin wall pressure vessel, but the effective thickness of this pressure vessel must be taken into
account because of the gaps between the fiber braids, as Figure 4.8 shows.
Figure 4.8: THIN WALLED PRESSURE VESSEL STRESS-STRAIN MODEL OF THE ARTIFICIAL MUSCLE
BRAID.
The hoop and axial stresses of a thin wall pressure vessel are
σh =
Pr
te f f
, (4.33)
and
σa =
Pr
2te f f
. (4.34)
where P is the pressure acting outward on the braid from the contact due to the expanding tube,
assumed to be equal to the internal pressure P. The radius of the tube is r, as measured at the
interface between the tube and braid. The effective thickness of the braid, te f f , is the corrected
thickness of the braid due to gaps in between the braid fibers. The effective thickness is
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determined by using the ratio of the actual area and the measured area of the braid,
te f f = tm
Aactual
Ameasured
= tm
AbN
pi(r2mo − r2mi)
(4.35)
where tm is the measured thickness of the braid, rmo is the measured outside radius of the braid,
and rmi is the inside radius of the braid. Note that tm = rmo − rmi.
The axial deformation in the direction of xt is a combination of the elastic strain in the
directions of D and xt for the length and thickness of the braid, respectively. This is illustrated for
a single braid strand in Figure 4.9
Figure 4.9: SINGLE BRAID STRAND STRESS-STRAIN AND DISPLACEMENT.
The total braid displacement in the direction of xt can be written as
δbx = xb = δbh + δba (4.36)
For the hoop stress of the thin wall pressure vessel, Hooke’s law is used to determine the strain
and the displacement. The hoop stress from Hooke’s law is
σh = ehEb (4.37)
and the displacement is
δh = ehC = ehpiD (4.38)
Solving for the strain in Equation 4.38 and substituting into 4.39 gives
δh = piD
σh
Eb
(4.39)
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In terms of displacement in the direction xt, the hoop displacement must first be expressed as the
diametral displacement, which can be related directly to a change in b, then into terms of xt from
θ. Relating the diametral deformation to the hoop or circumferential deformation gives
δD =
δh
pi
(4.40)
and Equation 4.40 becomes
δh = D
σh
Eb
(4.41)
Equation 4.41 in terms of b, the geometric relationship from Equation 4.3 is used in terms of the
displacement δ.
δDh =
δb sin θ
pin
= D
σh
Eb
(4.42)
Solving for δbh gives
δbh =
pinDσh
Eb sin θ
(4.43)
In the direction of xt, Equation 4.43 becomes
δbh =
pinDσh cot θ
Eb
(4.44)
and finally substituting Equation 4.33 gives the displacement of the braid in the direction of xt
from the hoop stress:
δbh =
pinD2P cot θ
2Ebte f f
(4.45)
For the axial component of displacement due to the axial stress the same approach is
used. The axial component is much simpler due to the stress being in the same direction of xt.
Using Hooke’s law for the axial stress gives
σba = eaEb (4.46)
rearranged becomes
eba =
σa
Eb
(4.47)
and the displacement is
δba = eba L =
Lσa
Eb
(4.48)
Substituting Equation 4.34 into 4.48 gives
δba =
LDP
4te f f Eb
(4.49)
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Finally, the total displacement of a single braid in the direction of xt due to the hoop and
axial stress in the thin wall pressure vessel model is
δbx = xb = δbh + δba =
pinD2P cot θ
2Ebte f f
+
LDP
4te f f Eb
(4.50)
Equation 4.50 defines the deflection of the braid assembly under stress due to an internal pressure
acting on it. Simplifying Equation 4.50 gives the displacement in the direction of xt, from the
internal pressure:
xb =
DP
2te f f Eb
(
pinD cot θ +
L
2
)
(4.51)
The offset displacement due to the braid deformation is added to the displacement in Equation
4.9, i.e., the total displacement of the HAM is x = xt + xb.
4.2 PRESSURE DYNAMICS
In modeling the pressure dynamics for an AM, the type of working fluid must be
considered. There are two distinct approaches to modeling the pressure dynamics of an AM
system: compressible flow (pneumatics) and incompressible flow (hydraulics). Researchers are in
agreement that the mechanical behavior of HAMs is the same as that of PAMs due to the actuator
mechanics and the differences are attributed to the working fluid [93, 94, 97, 102, 103, 105–107].
Both the pneumatic and hydraulic pressure dynamics in an AM system utilize a servovalve that
allows the fluid flow to be controlled proportionally to the input voltage [116]. Diagrams of the
fluid circuits with the AMs are illustrated in Figure 5.2 and 5.4. The high performance valves used
allow for simplifications in the model, such that valve dynamics can be assumed to be negligible.
The following subsections will first discuss a first-order pneumatic pressure dynamic model for
the AM, followed by a first-order hydraulic pressure dynamic model, both of which apply
state-of-the-art approaches in fluid system modeling.
4.2.1 PNEUMATIC PRESSURE DYNAMICS
The pressure dynamics for the PAM are modeled for the actuator control volume, i.e., the
internal volume of the actuator shown in Figure 4.2 and a proportional flow control valve. The
pressure rate of change of the PAM control volume is the time derivative of the ideal gas law,
giving
P˙ =
RT
V
m˙− P
V
V˙ (4.52)
36
where R is the universal gas constant for air, T, is the absolute temperature of the air, V, is the
volume of the actuator, V˙, is the rate of change of volume, and m˙ is the mass flow rate. The
pressure dynamics are assumed to be isothermal and the mathematical models are explained in
more detail in [52, 54, 70, 117–119]. The mass flow rate is modeled as isentropic flow through a
plate with a small hole (aperture). The mass flow rate is a function of the aperture cross-sectional
area of the spool valve, and the area normalized flow rate, Ψ, as described by
m˙ = AvΨ (4.53)
where the aperture area, Av, is assumed to be linearly proportional to the spool position, that is
proportional to the command signal, u, and Ψ is the area normalized flow of the compressed
gas [54]. The area normalized mass flow rate is a piecewise function governed by choked and
unchoked flow regimes that is based on the quotient of the downstream and upstream pressures,
respectively,
Ψ(Pu, Pd) =

Ψc
Pd
Pu ≤ Cr Choked
Ψuc
Pd
Pu > Cr Unchoked
(4.54)
where Ψc is the choked area normalized mass flow rate defined by,
Ψc =
C1C f Pu√
T
(4.55)
and Ψuc is the unchoked area normalized mass flow defined by,
Ψuc =
C2C f Pu√
T
(
Pd
Pu
)1/γ√
1−
(
Pd
Pu
)(γ−1)/γ
(4.56)
The coefficients C1 and C2 are gas properties, C f is a nondimensional discharge coefficient, γ is the
ratio of specific heats, and Cr is the threshold between choked and unchoked flow through the
valve [54, 118]. For air, Cr is 0.528, C f is 0.2939, and C1 and C2 are
C1 =
√√√√( 2γ
R(γ+ 1)
) γ+1
γ−1
(4.57)
and
C2 =
√
2γ
R(γ− 1) (4.58)
For the internal chamber and proportional valve used, Ψ is governed by
Ψ(P1, Ps, Patm) =

Pd = P1, Pu = Psource Av ≥ 0
Pd = Patm, Pu = P1 Av < 0
(4.59)
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where Pd is the downstream pressure, P1 is the actuator internal pressure, Pu is the upstream
pressure, Patm is the atmospheric pressure, and Psource or Ps is the source pressure. The volume
inside the actuator as a function of length is described in Equation 4.4 and considering the dead
volume in the hose and associated connections, the volume between the AM and servovalve
becomes,
V =
L(b2 − L2)
4pin2
+V0, (4.60)
and V˙ for the control volume of the AM is
V˙ =
3L2 − b2
4pin2
x˙t. (4.61)
Combining Equations 4.52-4.61, the pressure dynamics of the PAM become
P˙ =
RTΨKav
V
u− PV˙
V
(4.62)
where Kav is the proportional gain relating the input voltage and aperture area Av = Kavu, with
Kav = 2mm2/V. The input command voltage is ±2.5 V. The pneumatic system properties are
listed in section 4.5, where the experimental setup and results are presented.
4.2.2 HYDRAULIC PRESSURE DYNAMICS
The pressure source at port P of the flow control valve is assumed to be ideal and at a
constant pressure. Assumptions include negligible servovalve dynamics and negligible major and
minor losses in the conduit length and connections. Fluid inertance effects are also assumed to
negligible.
The flow into the HAM control volume is modeled as the volumetric flow of an
incompressible fluid flow. Utilizing the continuity equation, the flow rate is defined as
q = V˙ +
VP˙
β
, (4.63)
where β is the bulk modulus of the fluid and P˙ is the time rate of change of pressure in the control
volume. The volumetric flow through the proportional control valve is also modeled as an
incompressible fluid, that is, it is assumed to be flowing through an orifice in a flat plate as
q = AvCD
√
2∆P/ρ, (4.64)
where ρ is the density of the fluid, Av is the aperture area of the valve orifice and is assumed to be
linearly proportional to the valve voltage u by a constant gain, Kav, i.e., Av = uKav, and ∆P is the
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pressure differential governed by
∆P =

∆P = Ps − P u > 0
∆P = 0 u = 0
∆P = P− Ptank u < 0
(4.65)
Combining Equations 4.63 and 4.64 gives the following state equation of the hydraulic
pressure dynamics for the HAM system:
P˙ =
β
V
(
−V˙ + uKavCD
√
2∆P
ρ
)
. (4.66)
4.3 EXTERNAL FORCES
External forces can be included into the model by using the expression of the holding
force in Equation 4.5, substituting Fext = FG/4 and solving for the pressure, giving
Pext = −16pin
2Fext
3L2 − b2 , (4.67)
where Pext is the change in pressure as a result of the applied external force.
4.4 COMBINED SYSTEM DYNAMICS
To develop the full system dynamics for a pneumatic and/or hydraulic AM, the AM
equation of motion must be combined with the pressure dynamics state equations. Equation 4.9 is
combined with 4.62, and 4.9 is combined with 4.66, which gives the state-space system dynamics
representation of the PAM and the HAM, respectively. Defining the states for the PAM as x1 = xt,
x2 = x˙1, and x3 = P, the state-space representation of the PAM system model is
x˙1
x˙2
x˙3
 =

x2
1
Meq
(
(P + Pext)At − Ff eq − kmrx1
)
RTΨKav
V(x1)
u− x3
V(x1)
3L2 − b2
4pin2
x2

, (4.68)
with the same state definitions for the HAM, the system state-space equations for the HAM is

x˙1
x˙2
x˙3
 =

x2
1
Meq
(
(P + Pext)At − Ff eq − kmrx1
)
β
V
(
−3L
2 − b2
4pin2
x2 + uKavCD
√
2∆P
ρ
)

. (4.69)
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The total displacement of the HAM is x = xt + xb = x1 + xb. The model can be used for analysis
and design, e.g., stability analysis, parameter optimization, and model-based control. The model
is simulated for validation and implemented in model-based control approaches for PAMs and
HAMs in Chapter 5 and 7.
4.5 SYSTEM PARAMETERS
The system parameters used for the model simulations for the PAM are listed in Table 4.1,
based on the specification sheets of the valves and tubing of the hardware used and the gas
properties of air.
Table 4.1: PAM SYSTEM PARAMETERS.
Parameter Value Parameter Value
Psource 220.7-441.3 kPa Av ± 5.000 mm2
Patm 101.3 kPa Cd 0.5898
R 287.1 J kg−1 K−1 C f 0.2800
C1 0.04040 T 273.0 K
C2 1.156 γ 1.400
V0 2.17E4 + (pi/4)D2i0 mm
3 c 2.98E-7 N-s-mm−4
µk 0.7 Ab(b) 0.0508b mm
Note that values for material damping and kinetic friction coefficient were obtained
from [120] and [121].
The system parameters used for the model simulations for the HAM are listed in Table
4.2, based on the specification of the hardware used.
Table 4.2: HAM SYSTEM PARAMETERS.
Parameter Value Parameter Value
β 1.8 GPa CD 0.630
Av−range ± 25 mm2 ρ 0.85 g/mm3
Kav 2.5 mm2/V PP 13.8 MPa
V0 3.86E4 + (pi/4)D2i0 mm
3 PT 51.3 kPa
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4.6 PAM AND HAM SYSTEM MODELS
This chapter developed comprehensive dynamic system models for PAMs and HAMs.
New constitutive models for the tube stiff, kinetic friction, and braid deformation were derived.
Existing state-of-the-art approaches to model the one-dimensional nonlinear pressure dynamics of
pneumatics and hydraulics are applied to AMs. The new comprehensive models allow for
simulation of the fluid-mechanical device, capturing the dynamics from the valve to the
displacement of the actuator. The dynamic system models for PAMs and HAMs are based on first
principles, allowing for simulations to be conducted using values attained from specification
sheets and textbooks, excluding the stiffness coefficients. The first principle approach differs from
the empirical methods typically used in literature. These models can aid in model-based
mechanical system design and may help improve future designs of AMs.
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CHAPTER 5
MODEL VALIDATION: EXPERIMENTAL AND SIMULATION RESULTS
This chapter reports the experimental and model simulation results of quasi-static and
dynamic responses of AMs. The accuracy of the model simulations compared to the experiments
is reported. Physical phenomena that affect the accuracy are also presented.
5.1 EXPERIMENTAL SETUP
A test fixture was designed and built for performing quasi-static and dynamic
experimental tests for model validation of AMs and for control experiments. The fabricated test
stand is shown in Figure 5.1.
(a)
(b)
Figure 5.1: FLUIDIC ARTIFICIAL MUSCLE TEST STAND: (A) CONFIGURED WITH A PAM, AND (B)
CONFIGURED WITH A HAM.
An American National Standards Institute (ANSI) diagram of the pneumatic circuit in the
test stand is shown in Figure 5.2.
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Figure 5.2: ANSI PNEUMATIC CIRCUIT FOR PAM SYSTEM.
The pneumatic system for PAMs is comprised of four main components. The pneumatic
system used for testing PAMs was energized via Marquette University’s Engineering Hall’s
compressed air source lines (1) as shown in Figure 5.1 (a) and Figure 5.2. The mass flow rate of
compressed air to and from a PAM was controlled with an Enfield Technologies LS-V05s
proportional flow control valve (2). The LS-V05s has a bandwidth of 109 Hz and exhibits low
hysteresis. The proportional flow control valve (2) controlled the mass flow rate from the
pneumatic pressure source (1) through a 4.8 mm (3/16 in) internal diameter pneumatic hose (3) to
the PAM (4) or from the PAM to atmosphere. A voltage command signal was sent from a data
acquisition card to an Enfield Technologies D1 proportional linear motor valve driver which
proportionally controls the mass flow of the valve with respect to the input voltage. Between the
valve and the PAM, a NPX MPX5700GP pressure sensor was used to record the pressure
dynamics. The PAM’s free end has a rod attachment that is constrained by a linear bearing. A US
Digital EM2 optical encoder module was bolted to a custom bracket which is clamped to the rod.
The custom bracket is constrained by linear guide assembly that contains a transmissive strip with
approximately 79 counts per mm (2000 counts per inch), giving a resolution of 3 µm with
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quadrature encoding.
The entire system (including HAMs) was controlled with a dedicated computer running
Mathworksr Simulink Desktop-Realtime operating at 1 kHz using National instruments
PCI-6221 (37 pin) and PCI-6703 data acquisition cards. Both HAMs and PAMs were tested in a
double contained test cell for improved safety.
A photograph of a HAM prototype that was modeled, simulated, tested, and controlled in
the test stand configuration in Figure 5.1 (b) is shown in Figure 5.3.
(a) (b)
Figure 5.3: PHOTOGRAPH OF A HAM TEST STAND ASSEMBLY (A) AND A PROTOTYPE (B).
Figure 5.3 (a) shows the AM linear guide and custom encoder assembly in more detail.
An ANSI diagram of the hydraulic circuit in the test stand is shown in Figure 5.4
The hydraulic circuit is energized by a single-phase Marathon Electric induction motor (1) that is
coupled to a fixed displacement gear pump (2). The gear pump drives flow to a manifold that has
a gas charged bladder accumulator (3) and an adjustable relief valve (4), which is then connected
to the input of the 4-3 proportional flow control servovalve (6) HR-Textron R-DDV 27A10F. The
output of the servovalve is connected to the HAM (7) with a 1.2 m (4 ft), 6.4 mm (0.25 in) internal
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Figure 5.4: SCHEMATIC DIAGRAM OF THE TEST STAND HYDRAULIC SYSTEM.
diameter quick disconnect hydraulic hose, the B port is plugged, and the return port drains to the
tank (8). The directional flow of the ISO 32 hydraulic oil used is constrained by check valves (5).
Check valves only allow fluid to flow in one direction and are the fluid equivalent to an electrical
diode. WIKA A-10 Part No. 50426893 pressure transducers were used to measure the pressure on
the energized side of the relief valve and at the input port of the HAM. To date, there is no ANSI
schematic symbol for AMs.
5.2 MODEL VALIDATION APPROACH
Experiments were performed to validate the models for AMs developed in Chapter 4.
Quasi-static experiments were conducted to determine the material parameters and braid
constraints in the stiffness model. After the material constants were determined, dynamic
experiments were performed on several of the AMs to validate the dynamic models, using known
friction coefficients and a volume normalized damping parameter. The geometric parameters of
the AMs were determined via physical measurements and material specification sheets. The
following subsections outline the experimental procedure used for validating the models.
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5.2.1 QUASI-STATIC MODEL VALIDATION APPROACH
The quasi-static, or free-contraction, experiments for AMs involve slowly pressurizing
and depressurizing the AMs. This test was performed by tracking a desired triangular pressure
trajectory. A PID pressure controller is used for PAMs and a sliding mode pressure controller is
used for HAMs. The results from a pressure trajectory tracked for a free-contraction PAM
experiment are shown in Figure 5.5.
Figure 5.5: FREE CONTRACTION PRESSURE TRACKING OF A PAM.
From the experimental pressure and displacement data obtained in the free-contraction
experiment as shown in Figure 5.5, a pressure-displacement curve can be obtained. The
pressure-displacement curve allows the stiffness model parameters to be determined. The
pressure-displacement curve from the experiment in Figure 5.5 is depicted in Figure 5.6.
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Figure 5.6: PRESSURE-DISPLACEMENT CURVE FROM PRESSURE TRACKING EXPERIMENT.
From pressure-displacement data depicted in Figure 5.6, the contraction data is used to
determine the constants for the stiffness model. The retraction data is excluded because it exhibits
hysteresis, which is an unmodeled phenomena that is beyond the scope of this work. The
free-contraction data is curve fit with the stiffness model using a least-of-squares algorithm to
determine the stiffness parameters C1, C2, and, C3. This procedure is repeated for each of the
tested AMs and compared to the model simulation results.
An experiment is also conducted to validate the external force model, where an external
force is applied to a pressurized PAM and its change in displacement is recorded.
5.2.2 DYNAMIC MODEL VALIDATION APPROACH
To validate the dynamic model of the AMs, a square wave voltage signal is applied to the
servovalve, which allows the AM undergoing a test to be pressurized and depressurized. This
square wave command signal response is performed at 0.5, 1.0, and 2.0 Hz for ±10 V. The same
command signal is applied to the model and simulated. The simulation results are then compared
to each of the experiments performed. Model error with respect to each of the experiments are
reported.
This approach was used to validate the system model under real operating conditions
and a system configuration typically used in fluid power motion control applications. Validating
the model in this way suggests its utility in the design of fluid power mechanical system design
and model-based control design.
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Model simulations of Equations 4.68 and 4.69 were programmed and executed in
MATLABr Simulink. An implicit time step was used with ordinary differential equation solver
ode113 (Adams) for PAMs and solver ode23s for HAMs. The step size was bounded by a
maximum step size of 1E-4 s and minimum step size of 1E-10 s, and an initial step size of
1E-4 s.
5.3 PNEUMATIC ARTIFICIAL MUSCLES
Nine different PAMs of various geometries were tested, modeled, and simulated. The
geometries of the nine different PAMs are listed in Table 5.1.
Table 5.1: GEOMETRY OF PNEUMATIC ARTIFICIAL MUSCLES TESTED AND SIMULATED.
Actuator Do L0 tr θ0
A1 14 mm (0.55 in) 200 mm 1.59 mm (0.0625 in) 30.0 deg
A2 14 mm (0.55 in) 133 mm 1.59 mm (0.0625 in) 30.0 deg
A3 14 mm (0.55 in) 67 mm 1.59 mm (0.0625 in) 30.0 deg
A4 23 mm (0.90 in) 200 mm 3.18 mm (0.125 in) 36 deg
A5 23 mm (0.90 in) 133 mm 3.18 mm (0.125 in) 36 deg
A6 23 mm (0.90 in) 67 mm 3.18 mm (0.125 in) 36 deg
A7 39.4 mm (1.55 in) 200 mm 4.76 mm (0.188 in) 40 deg
A8 39.4 mm (1.55 in) 133 mm 4.76 mm (0.188 in) 40 deg
A9 39.4 mm (1.55 in) 67 mm 4.76 mm (0.188 in) 40 deg
5.3.1 QUASI-STATIC BEHAVIOR
Each of the nine PAMs listed in 5.1 were tested using the procedure described in Section
5.2.1 to attain free contraction pressure-displacement curves.
FREE CONTRACTION
The experimental free contraction pressure-displacement curves for the three 14 mm
diameter PAMs and the model simulation free-contraction curve using the curve fit parameters
are shown in Figure 5.7.
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Figure 5.7: FREE CONTRACTION OF 14 MM DIAMETER PAM.
Figure 5.7 shows that once the curve fit parameters are obtained, the model simulation of
the free-contraction curve closely matches the actual pressure-displacement curve. Figures
reporting the experimental and simulated free-contractions using the curve fit parameters for the
23 and 39.4 mm diameter PAMs are appended as Figures A.1-A.2. The Mooney-Rivlin coefficients
and constraint constants determined from curve fitting the model to the empirical
pressure-displacement curve for each of the PAMs are listed in Table 5.2.
Table 5.2: CURVE FIT MOONEY-RIVLIN COEFFICIENTS AND CONSTRAINT CONSTANT.
Actuator C1 C2 C3
A1 11.4 kPa (1.65 psi) -172 kPa (-25.0 psi) 0.0634 kPa−1 (0.437 psi−1)
A2 65.3 kPa (9.48 psi) -228 kPa (-33.0 psi) 0.0818 kPa−1 (0.564 psi−1)
A3 74.0 kPa (10.7 psi) -272 kPa (-39.4 psi) 0.0848 kPa−1 (0.584 psi−1)
A4 455 kPa (65.9 psi) -548 kPa (-79.5 psi) 0.151 kPa−1 (1.04 psi−1)
A5 414 kPa (60.1 psi) -509 kPa (-73.8 psi) 0.149 kPa−1 (1.03 psi−1)
A6 420 kPa (60.9 psi) -498 kPa (-72.2 psi) 0.155 kPa−1 (1.07 psi−1)
A7 3.28 MPa (476 psi) -3.59 MPa (-521 psi) 0.203 kPa−1 (1.40 psi−1)
A8 3.12 MPa (453 psi) -3.40 MPa (-494 psi) 0.216 kPa−1 (1.49 psi−1)
A9 4.12 MPa (598 psi) -4.37 MPa (-634 psi) 0.252 kPa−1 (1.74 psi−1)
The errors between the curve fit model and the experimental pressure-displacement curve
for each of the 14 mm diameter PAMs are depicted in Figure 5.8.
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Figure 5.8: DISPLACEMENT ERROR OF FREE CONTRACTION OF 14 MM DIAMETER PAM.
The errors between the model and the experimental pressure-displacement curves in
Figure 5.8 indicate that the model error is within ±0.4 mm. The illustrated model errors for the 23
and 39.4 mm diameter PAMs are appended as Figures A.3-A.4. The errors, e, between the curve fit
model and the experimental data are tabulated, and include the maximum absolute error
(Max| e |), percentage of maximum absolute error with respect to the maximum displacement
(Max| e |%), the mean error (Mean(e)), and the root mean squared error (RMS(e)). These errors are
reported in Table 5.3.
Table 5.3: ERRORS ASSOCIATED WITH CURVE FIT MODEL.
Actuator Max| e | Max| e |% Mean(e) RMS(e)
A1 0.328 mm 0.872% -0.0319 mm 0.156 mm
A2 0.132 mm 0.644% -0.0118 mm 0.0527 mm
A3 0.0705 mm 0.759% -0.00110 mm 0.0193 mm
A4 0.104 mm 0.741% -0.0108 mm 0.0395 mm
A5 0.0325 mm 0.374% -0.00360 mm 0.0179 mm
A6 0.0140 mm 0.358% -0.00130 mm. 0.00650 mm
A7 0.156 mm 1.13% -0.00720 mm 0.0532 mm
A8 0.125 mm 1.52% -0.00250 mm 0.0219 mm
A9 0.0262 mm 0.722% -0.00230 mm. 0.0127 mm
The same rubber tube used for the construction of each of the PAMs (Semi-Clear Silicone
with a Durometer of 50A, McMaster-Carr Part #51135K35 for the 14 mm OD PAMs) is used, which
means that the different tube diameter and wall thickness PAMs should have the same material
parameters. Assuming the PAMs have the same material properties, the model should be able to
utilize the same curve fit material parameters for the PAMs and predict the behavior of actuators
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with different geometries. The average values of C1 and C2 from the 14 mm diameter PAMs, and
curve fit values of C3 were utilized with the model to test this conjecture. Average values are used
due to the variation observed in the results listed in Table 5.2. The experimental and model
simulation free contraction pressure-displacement curves for the nine PAMs using the same
Mooney-Rivlin parameters are given in Figure 5.9.
Figure 5.9: DISPLACEMENT COMPARISON OF EXPERIMENTS AND MODEL OF FREE CONTRACTION
OF ALL NINE PAMS USING THE SAME MOONEY-RIVLIN PARAMETERS, C1=7.28 PSI AND C2=-32.5
PSI.
Figure 5.8 illustrates that utilizing the Mooney-Rivlen coefficients in the stiffness model
allows for the pressure-displacement curves to be predicted accurately. This accurate prediction of
the pressure-displacement curve implies that the developed stiffness model can be used to predict
the displacement of AMs once the C1 and C2 are known for a material and C3 is defined. This
model’s ability to predict the displacement could is useful for mechanical design. The error
between the pressure-displacement curve of the model and experiments utilizing the same
parameters are listed in Figure 5.10.
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Figure 5.10: DISPLACEMENT ERROR OF FREE CONTRACTION OF ALL PAMS USING SAME MOONEY-
RIVLIN PARAMETERS, C1=7.28 PSI AND C2=-32.5 PSI.
The errors between the model and the experimental when using the same Mooney-Rivlen
coefficients are tabulated in Table 5.4.
Table 5.4: ERRORS ASSOCIATED WITH USING C1=7.28 PSI AND C2=-32.5 PSI.
Actuator C3 Max| e | Max| e |% Mean(e) RMS(e)
A1 0.458 0.499 mm 1.33 -0.00790 mm 0.214 mm
A2 0.523 0.207 mm 1.02 -0.00730 mm 0.100 mm
A3 0.604 0.161 mm 1.70 -0.0158 mm 0.0457 mm
A4 0.691 0.563 mm 4.01 -0.0140 mm 0.322 mm
A5 0.701 0.275 mm 3.13 -0.0735 mm 0.165 mm
A6 0.746 0.120 mm 3.02 -0.0321 mm 0.0723 mm
A7 1.26 0.617 mm 4.47 -0.151 mm 0.404 mm
A8 1.33 0.316 mm 3.85 -0.0752 mm 0.204 mm
A9 1.44 0.149 mm 4.08 -0.0366 mm 0.0955 mm
Table 5.4 shows that the maximum absolute errors are below 5% and suggests that the
developed stiffness model is able to predict the behavior of different geometry AMs. The
tabulation of C3 for the different PAMs indicates that this constant decreases proportionally with
an increase in length L0 and increases proportionally with an increase in diameter and braid
angle. This observation indicates that there is likely an algebraic relationship that can be derived
using the PAM geometry to determine C3. Furthermore, this consistency with C3 may indicate
that the stiffness model is a two parameter analytical solution.
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Five replicas of actuator A1 were fabricated to illustrate the statistical variability from
PAM to PAM using the same geometry and material. The free contraction pressure displacement
curves of the five samples of actuator A1 are illustrated in Figure 5.11.
Figure 5.11: FREE CONTRACTION CURVES FOR FIVE PAMS USING THE SAME MATERIAL AND GE-
OMETRY AS A1 .
The data from these experiments for the replica A1 actuators was performed at cycle 953,
1105, 1011, 1012, and 1011 for sample 1, 2, 3, 4, and 5, respectively. Samples 3, 4, and 5 utilized an
additional 0.261 kg (0.575 pound) mass to eliminate an offset observed at the end of free
contraction experiments due to stiction on the guide shaft. This observed offset was the PAM not
returning to its original length because of stiction in the system. The extra weight was enough of
an increase in load to overcome the stiction and was thought to not impact the loading of the
PAMs significantly. It is unclear what the root cause of the stiction was, but it is likely due to wear
in the guide shaft and encoder guide assembly. Stiction for samples 3, 4, and 5 is assumed to be
caused by wear. These experiments were performed approximately 1-2 months after the original
experiments. Over this time, many dynamic and control experiments were performed. The mean
pressure displacement curves of the 5 different samples, the standard deviation from the mean,
and the model are depicted in Figure 5.12.
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Figure 5.12: STATISTICAL MEAN, STANDARD DEVIATION, AND MODEL PREDICTION OF PRESSURE-
DISPLACEMENT CURVE FOR THE REPLICA SAMPLES.
The model error and standard deviation of the pressure-displacement curve are depicted
in Figure 5.13.
Figure 5.13: MODEL ERROR FROM MEAN PRESSURE-DISPLACEMENT CURVE AND THE STANDARD
DEVIATION.
Figure 5.13 illustrates that the model error is well within ±1 standard deviation. The
errors between the model predictions and the experimental mean pressure-displacement curve
obtained from the five are listed in Table 5.5.
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Table 5.5: REPLICA EXPERIMENTS TO MODEL COMPARISON
C1 C2 C3 Max| e | Max| e |% Mean(e) RMS(e)
10.4 psi -39.1 psi 0.490 0.256 mm 0.752% -0.0296 mm 0.120 mm
The tabulated results in Table 5.5 suggest that the model is accurate with respect to the
mean, i.e., the model prediction is approximately equivalent to the statistical mean. However, the
increasing standard deviation as the pressure increases for the free contraction curve indicates a
large degree of variance in displacement as a function of pressure. Three single-ended t-tests were
performed to determine the statistical power, i.e., probability, that the actual
pressure-displacement curve will fall within 1.0, 2.5, and 5.0 mm from model prediction. The
model prediction of the pressure-displacement curve is assumed to be equivalent to the
experimental mean pressure-displacement curve. The statistical power as a function of pressure
for these three tests is depicted in Figure 5.14.
Figure 5.14: STATISTICAL POWER THAT EXPERIMENT WILL BE WITHIN 1.0, 2.5, AND 5.0 MM FROM
MODEL PREDICTION. THE STATISTICAL POWER THAT THE EXPERIMENTAL DISPLACEMENT WILL BE
WITHIN 1, 2.5, AND 5 MM FROM THE MODEL PREDICTION IS INDICATED WITH THE SOLID BLUE,
RED DASHED, AND YELLOW DASHED LINES.
The statistical power from the t-tests indicates that the experimental results are likely to be
2.5 mm or more from the model prediction, as shown by the results depicted in Figure 5.14. One
phenomena that is believed to contribute to the relatively large degree of variance in displacement
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is the Mullins effect, which is discussed in the following section. This phenomena would likely
explain the observed variation due to the different masses used in samples 3, 4, and 5.
The results of repeating these t-tests for samples 3, 4, and 5 are depicted in Figure 5.15
Figure 5.15: STATISTICAL POWER THAT EXPERIMENT WILL BE WITHIN 2.5, 5.0, AND 10 PERCENT
(0.85, 1.7, AND 3.4 MM) FROM THE MODEL PREDICTION USING SAMPLES 3, 4, AND 5.
The test results in Figure 5.15 indicate that the experimental displacement from
pressurization will be within 5% (1.7 mm) from the model simulation with 0.85 statistical power.
MULLINS EFFECT
The Mullins effect is a behavior exhibited by rubber materials in which the material
properties, i.e., the stress-strain curve, is dependent on the loading previously encountered [122].
The Mullins effect can be observed by comparing the free contraction curves of a PAM’s first ten
experiments, such as actuator A7’s first ten free contraction experiments that are shown in Figure
5.16.
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Figure 5.16: MULLIN’S EFFECT IN 200 MM LENGTH, 39 MM DIAMETER PAM.
Figure 5.16 shows a large change in the maximum displacement of the PAM as the
number of cycles increase. This phenomena may be contributing to the statistical variation
observed in the data depicted in Figures 5.11-5.13. Observation of the Mullins effect in theses
types of actuators, or soft actuators in general, has not been reported in the literature. Modeling
results reported in the literature without explicit knowledge of the loading history greatly reduces
their reported significance. The PAM change in displacement as illustrated in Figure 5.16 as a
function of cycle number is shown in terms of percent change in Figure 5.17.
Figure 5.17: MULLIN’S EFFECT IN 200 MM LENGTH, 39 MM DIAMETER PAM.
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Figure 5.17 indicates an approximate change of 14% in the maximum displacement after
just 10 cycles. It was observed that there is convergence of the material properties after a certain
number of cycles, i.e., Mooney-Rivlin constants C1 and C2. This suggests that using two different
loading conditions for testing the replica PAM’s free contraction experiments resulted in
additional variability to the free contraction curve due to the Mullins effect. This conjecture is
supported by the fact that free contraction curves of samples 3-5 are close to one another, and are
distinct from the first two samples.
HOLDING FORCE
How the model takes into account external forces was also investigated. An experiment
was performed in which the A1 actuator was pressurized and tension was introduced on the load
cell attached to the PAM’s free end. The behavior of the experiment and model prediction is
represented in Figure 5.18.
Figure 5.18: PAM BEHAVIOR DUE TO EXTERNAL LOADING.
The results of this experiment indicate that the model is able to capture the effect of
external loading. The curve generated by the model is able to predict what static models report in
the literature, i.e., the reaction force as a function of change in length at a constant pressure.
Unlike models in the literature, this model is able to predict how the AM moves as it is
pressurized. The accuracy of the model’s ability to predict the behavior from external loading is
unknown and is discussed further in Chapter 9, where future work is identified.
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5.3.2 PNEUMATIC ARTIFICIAL MUSCLE DYNAMIC BEHAVIOR
The experimental dynamic behavior of PAMs was compared to model simulations. In the
experiments and simulations, a square wave ±10 V signal at square wave frequencies of 0.5, 1.0,
and 2.0 Hz was applied to the servovalve. These dynamic tests were performed on the 200 mm
length PAMs with diameters of 14, 23, and 39 mm, i.e., actuators A1, A4, and A7. The pressure and
PAM displacement response to the square wave command signal at 0.5 Hz, for the A1 PAM and
the model simulation are depicted in Figure 5.19.
Figure 5.19: PAM A1 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
0.5 HZ.
The pressure and displacement responses indicate that the simulated model is able to
accurately capture the dynamic response behavior of the pressure dynamics and PAM
displacement. In Figure 5.19, the top subplot indicates the internal pressure of the PAM, the
middle subplot shows the position of the PAM, and the bottom subplot shows the percent error
between the model simulation and experimental results with respect to the PAM’s maximum
displacement, i.e., the error is normalized to the AM’s maximum stroke. The experimental results
are shown with the blue solid line and the model predictions are shown with the red dashed line.
Maximum percent error for the displacement of the PAM is less than 10% during pressurization
and slightly greater than 10% when depressurized.
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The experimental and model simulation pressure and displacement responses to a square
wave voltage command signal of 1.0 and 2.0 Hz are shown in Figures 5.20 and 5.21, respectively.
Figure 5.20: PAM A1 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
1.0 HZ.
Figure 5.21: PAM A1 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
2.0 HZ.
Figures 5.20 and 5.21 indicate that the model simulation pressure and displacement
responses are able to capture the dynamic behavior recorded in experiments. Experimental and
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model simulation responses for square wave voltage commands at 0.5, 1.0, and 2.0 Hz for PAMs
A4 and A7 are appended, and shown as Figures A.5-A.10. Displacement errors between the
experimental responses and the model simulation responses to different frequency command
signals were computed. These errors include the maximum error, maximum percent error with
respect to the maximum stroke, mean error, and root mean square error. (Note that the error in
instances where the encoder timed out is neglected, e.g., Figure 5.20 at approximately 0.6 s and 1.2
s.) These errors between the experimental responses and model simulation responses are listed in
Table 5.6.
Table 5.6: PNEUMATIC ARTIFICIAL MUSCLE DYNAMIC MODEL ERRORS.
Actuator Experiment f Max| e | Max| e |% Mean(e) RMS(e)
A1
0.5 Hz 3.47 mm 10.5 0.0907 mm 1.05 mm
1.0 Hz 5.14 mm 15.6 -0.0321 mm 1.05 mm
2.0 Hz 7.88 mm 27.9 -0.819 mm 2.41 mm
A4
0.5 Hz 1.62 mm 10.9 0.0517 mm 0.376 mm
1.0 Hz 0.889 mm 5.95 0.0416 mm 0.295 mm
2.0 Hz 0.999 mm 6.83 0.0775 mm 0.516 mm
A7
0.5 Hz 0.780 mm 5.57 -0.138 mm 0.361 mm
1.0 Hz 1.21 mm 9.15 -0.348 mm 0.531 mm
2.0 Hz 1.20 mm 10.3 -0.231 mm 0.394 mm
On average the model is able to predict the displacement of the PAM within
approximately 11%, at any given moment in time, with the minimum being approximately 6%. In
five of the nine experiments, the PAM model is able to consistently predict the dynamic behavior
with a error of 10% or less. The maximum error for the PAM dynamics is approximately 28%;
however, this large error appears to be an outlier compared to the overall trend. Some of the error
may be attributed to discrepancies in the modeled pressure dynamics. Overall, the dynamic
model is able to capture the general dynamic behavior of the physical PAMs tested. While there
are significant errors in some of the transient phenomena, the shape of the transient displacement
and final position of the PAMs is accurately predicted with the developed model. The level of
accuracy of the dynamic model as tabulated in Table 5.6 suggests it would be useful for
mechanical system design and controller design.
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5.4 HYDRAULIC ARTIFICIAL MUSCLES
The same procedure for testing PAMs and validating the PAM model was used for
HAMs. HAMs of eight different geometries were tested to validate the model. The geometries
chosen were primarily constrained to the sizes of available off-the-shelf-components, such as the
size of the compression end cap fittings. The geometries of the HAMs tested and simulated are
listed in Table 5.7.
Table 5.7: HYDRAULIC ARTIFICIAL MUSCLES TESTED AND SIMULATED.
Actuator Do L0 tr θ0
A10 14.0 mm (0.55 in) 133 mm 1.59 mm (0.0625 in) 26 deg
A11 14.0 mm (0.55 in) 67 mm 1.59 mm (0.0625 in) 26 deg
A12 13.3 mm (0.525 in) 200 mm 2.54 mm (0.100 in) 30 deg
A13 13.3 mm (0.525 in) 133 mm 2.54 mm (0.100 in) 30 deg
A14 13.3 mm (0.525 in) 67 mm 2.54 mm (0.100 in) 30 deg
A15 17.2 mm (0.675 in) 200 mm 2.22 mm (0.0875 in) 31.5 deg
A16 17.2 mm (0.675 in) 133 mm 2.22 mm (0.0875 in) 31.5 deg
A17 17.2 mm (0.675 in) 67.0 mm 2.22 mm (0.0875 in) 31.5 deg
5.4.1 QUASI-STATIC BEHAVIOR
The free contraction behavior of the eight HAMs listed in Table 5.7 were tested using the
procedure outline in Section 5.2.1.
FREE CONTRACTION
The experimental pressure-displacement curve of the HAMs determined in the free
contraction experiment allowed for the Mooney-Rivlin material coefficients and force constraint
coefficients to be determined. The experimental and model prediction pressure-displacement
curves for the 14 mm diameter HAMs are depicted in Figure 5.22.
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Figure 5.22: FREE CONTRACTION OF 14 MM DIAMETER HAM.
The model is able to accurately capture the displacement behavior of the HAM when
pressurized to approximately 2.7 MPa. The errors between the curve fit model predictions and the
experimental free contraction results of HAMs A10 and A11 are shown in Figure 5.23.
Figure 5.23: FREE CONTRACTION MODEL ERROR OF 14 MM DIAMETER HAM.
Figure 5.23 indicates that the model is able to predict the displacement as a function of
pressure within 0.75 mm. The curve fit model predictions and experimental free contraction
results and the model errors for the free contraction for HAMs A12 through A17 are appended,
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and shown in Figures A.11-A.14. The maximum absolute, percent maximum absolute with
respect to the maximum stroke, mean, and root mean square errors between the simulated model
predictions and the experimental pressure-displacement curve results are listed in Table 5.8.
Table 5.8: FREE CONTRACTION HYDRAULIC ARTIFICIAL MUSCLE MODEL ERRORS.
Actuator Max| e | Max| e |% mean(e) RMS(e)
A10 0.617 mm 1.67 -0.118 mm 0.230 mm
A11 0.0787 mm 0.620 -0.0181 mm 0.0409 mm
A12 0.912 mm 2.04 -0.110 mm 0.371 mm
A13 0.933 mm 3.14 -0.144 mm 0.360 mm
A14 0.242 mm 1.92 -0.0202 mm 0.0845 mm
A15 2.39 mm 4.48 -0.373 mm 0.989 mm
A16 1.47 mm 4.14 -0.149 mm 0.512 mm
A17 0.740 mm 3.90 -0.113 mm 0.284 mm
The curve fit parameters of the HAMs and braid geometry are specified in Table 5.9.
Table 5.9: HYDRAULIC ARTIFICIAL MUSCLE CURVE FIT AND BRAID PARAMETERS.
Actuator C1 C2 C3 NEb ri0 ro0
A10
33.7 kPa (4.88 psi) -361 kPa (-52.4 psi) 84.0 Pa−1 (0.579 psi−1) 1756.00 GPa (8.70E6 psi) 6.99 mm (0.275 in) 7.62 mm (0.300 in)
A11
-79.2 kPa (-11.5 psi) -55.3 kPa (-8.03 psi) 86.4 Pa−1 (0.595 psi−1) 1756.00 GPa (8.70E6 psi) 6.99 mm (0.275 in) 7.62 mm (0.300 in)
A12
46.0 kPa (6.67 psi) -265 kPa (-38.4 psi) 21.8 Pa−1 (0.1499 psi−1) 1006.00 GPa (8.70E6 psi) 6.67 mm (0.263 in) 15.2 mm (0.600 in)
A13
36.0 kPa (5.22 psi) -260 kPa (-37.8 psi) 38.5 Pa−1 (0.265 psi−1) 1006.00 GPa (8.70E6 psi) 6.67 mm (0.263 in) 15.2 mm (0.600 in)
A14
37.6 kPa (5.46 psi) -83.4 kPa (-12.1 psi) 36.7 Pa−1 (0.253 psi−1) 1006.00 GPa (8.70E6 psi) 6.67 mm (0.263 in) 15.2 mm (0.600 in)
A15
411 kPa (59.6 psi) -951 kPa (-138 psi) 41.2 Pa−1 (0.284 psi−1) 1006.00 GPa (8.70E6 psi) 8.57 mm (0.338 in) 9.53 mm (0.375 in)
A16
515 kPa (74.7 psi) -1.15 MPa (-167 psi) 53.4 Pa−1 (0.368 psi−1) 1006.00 GPa (8.70E6 psi) 8.57 mm (0.338 in) 9.53 mm (0.375 in)
A17
1.09 MPa (158 psi) -2.22 MPa (-322 psi) 44.0 Pa−1 (0.303 psi−1) 1006.00 GPa (8.70E6 psi) 8.57 mm (0.338 in) 9.53 mm (0.375 in)
An additional actuator was tested to validate the behavior of HAMs operating at higher
pressures and to demonstrate the effect of braid deformation. This actuator for high pressure
experiments had an initial length L0 of 127 mm, an initial diameter of 14 mm, and an initial braid
fiber length, b of 147 mm. This actuator used the same tube as actuators A10 and A11. One
distinction of this actuator is that it used multiple layers of fiber weaves (3) and N=300 to
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withstand the higher pressures. Ten free contraction experiments were performed with the
actuator. These ten experiments were performed after its pressure-displacement curves converged
to steady-state behavior, which was after 30 full pressurization cycles to 7 MPa. The experimental
and simulated free contraction of this high pressure HAM is shown in Figure 5.24 (a), with the
model error and standard deviation of the ten experiments shown in Figure 5.24 (b).
(a)
(b)
Figure 5.24: FREE CONTRACTION PRESSURE-DISPLACEMENT CURVE (A) AND MODEL ERROR (B).
The pressure displacement curve shown in Figure 5.24 indicates that the model is able to
accurately predict the displacement behavior of the HAM when operating at higher pressures.
The component of displacement that is due to braid deformation when the HAM is pressurized is
shown in Figure 5.25 .
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Figure 5.25: SIMULATED BRAID DEFORMATION DUE TO PRESSURE.
5.4.2 HYDRAULIC ARTIFICIAL MUSCLE DYNAMIC BEHAVIOR
The dynamic behavior of the HAMs was investigated. The simulated model predictions
were compared to the experimental results for responses from a square wave command voltage
±10 V at 0.5, 1.0, and 2.0 Hz starting at 10 s, when the hydraulic system is turned on. The
experimental and simulated model responses to a 0.5 Hz command signal for HAM A10 is shown
in Figure 5.26.
Figure 5.26: HAM A10 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE AT 0.5 HZ.
The experimental results are shown with the solid blue line and the model simulation
results are shown with the red dashed line. The pressure and displacement responses of the
physical HAM and the model simulations from a 1.0 and 2.0 Hz square wave are shown in
Figures 5.27 and 5.28, respectively.
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Figure 5.27: HAM A10 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
1.0 HZ.
Figure 5.28: HAM A10 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
2.0 HZ.
The experimental and simulation results reported in Figures 5.26-5.28 indicate that the
model is able to predict the dynamic behavior of the pressure dynamics and displacement of the
HAM. These results also illustrate the model’s capability to capture the transient behavior that
HAMs exhibit prior to reaching its maximum stroke.
The three response experiments and simulations performed on HAM A10 were also
performed on HAMs A12 and A15 and the figures of the results are appended. Similar to the
approach of the PAMs, the errors between the dynamic model simulations and experimental
results are reported. The reported errors include the maximum error, maximum percent error
with respect to the maximum stroke, the steady-state (S.S.) maximum percent error with respect to
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the maximum stroke (Max. S.S. | e |%), the mean error, and the root mean square error. These
errors are reported in Table 5.10.
Table 5.10: HYDRAULIC ARTIFICIAL MUSCLE DYNAMIC MODEL ERRORS.
Actuator Experiment f Max| e | Max| e |% Max. S.S. | e |% Mean(e) RMS(e)
A10
0.5 Hz 7.13 mm 20.8 12.3 -0.0474 mm 1.80 mm
1.0 Hz 8.01 mm 23.3 13.0 -0.808 mm 2.10 mm
2.0 Hz 7.94 mm 23.4 8.80 1.15 mm 2.34 mm
A12
0.5 Hz 4.04 mm 9.26 6.19 0.667 mm 1.38 mm
1.0 Hz 5.71 mm 13.1 5.79 0.801 mm 1.50 mm
2.0 Hz 5.29 mm 12.7 4.76 1.03 mm 1.54 mm
A15
0.5 Hz 7.06 mm 13.1 10.1 0.243 mm 2.30 mm
1.0 Hz 7.29 mm 14.0 7.88 0.387 mm 2.31 mm
2.0 Hz 7.36 mm 15.0 7.50 0.552 mm 2.57 mm
The errors between the model simulations and experimental results show that the model
is able to predict the dynamic response of the HAMs within approximately 8% on average. The
minimum maximum steady-state percent error is less than 5%, while the maximum is 24% at any
given moment. The subplots illustrating the pressure dynamics show that the coupled nonlinear
model is able to capture the nonlinear response due to the volumetric flow rate into the HAM
while the volume of the HAM is changing. Maximum errors are observed in the transient
behavior of the experiment when the hydraulic system is turned on. Unmodeled dynamics, such
as valve dynamics, inertance of the fluid, and upstream pressure dynamics from the servovalve,
all likely contribute to these observed transient errors.
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CHAPTER 6
CONTROL DESIGN OF FLUIDIC ARTIFICIAL MUSCLES
Model-based control approaches typically have better tracking performance than linear
control laws. This chapter presents the theory of one approach, sliding mode control (SMC), that
is commonly used in pneumatics and hydraulics. The SMC theory was applied to position
tracking problems for PAMs and impedance and position tracking problems for HAMs.
6.1 SLIDING MODE CONTROL
SMC is a hybrid nonlinear control method ideal for tracking problems, with a continuous
and discrete component. The power of SMC is that it exponentially converges the error dynamics
to zero and allows for robust tracking about the desired trajectory in the event of unmodeled
dynamics, disturbances, or significant nonlinearities. To demonstrate this, tracking errors for a 2R
serial planar robot following a square-like trajectory at a constant velocity using a PID controller
and a SMC law are shown in Figure 6.1.
(a)
(b)
Figure 6.1: PID CONTROL (A) AND SMC (B) ERROR FOR A 2R SERIAL ROBOT FOLLOWING A
SQUARE TRAJECTORY AT A CONSTANT VELOCITY [4].
The results in Figure 6.1 illustrate that SMC laws are able to compensate for inherent
system nonlinearities, such as gravity acting on a serial robot when moving through its
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workspace. As in the case with AMs presented in this dissertation, the nonlinear pressure
dynamics and nonlinear behavior of the actuator itself are of concern and motivate using SMC
approaches.
The main attribute of a SMC law is that their error dynamics exhibit a sliding behavior
towards a desired state trajectory, and illustratively track a surface intersecting phase space as
shown in Figure 6.2.
Figure 6.2: SLIDING SURFACE S(t) AND DIFFERENT CONDITIONS OF SLIDING MODE CONTROL [5].
This apparent sliding behavior along the sliding surface is why this control method is
called SMC. In the most concise form, a SMC law can be written as
u = ueq + urb, (6.1)
where ueq is the continuous or equivalent control law, and urb is the discrete or robust control law.
Designing a sliding mode controller depends on the system models used to describe the behavior
of the system, and can be segregated into four steps:
1. Identification of the error dynamics that best describe the system (defining the sliding
surface).
2. Derivation of the equivalent control law (continuous control term).
3. Derivation of the robust control law based on a Lyapunov-like function of the error
dynamics (discontinuous control term).
4. Parameter tuning and filter design to eliminate system dither (chatter).
This sections introduces the theory of SMC necessary to follow these four steps and the
methodology to aid readers in following the applied control design problems presented in this
dissertation.
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6.1.1 DEFINING THE SLIDING SURFACE
A SMC law can be derived by considering an arbitrary order n dynamic system governed
by the dynamics
x(n) = f (x) + b(x)u, (6.2)
where f (x) is the companion matrix describing the nonlinear system dynamics and b(x) is the
input matrix that governs the dynamics influenced by the control input u. The tracking error is
the difference between the actual and desired state variable trajectories, giving
e = x− xd = [e e˙ ... e(n−1)]T . (6.3)
where x is the vector of the actual state variable values and xd is the vector of the desired state
variable values, noting that x and xd do not imply the actual and desired positions. A sliding
surface can be defined by the order n of the system being controlled as
s =
(
d
dt
+ λ
)n−1
e, (6.4)
where s is a sliding surface represented in the state-space of a system and λ is the control
bandwidth, which is a strictly positive constant that defines the location of the error dynamics
poles. Tracking an n-dimensional vector, xd can be simplified to keeping the scalar quantity s at
zero. The sliding surface s, which is a scalar quantity, is a weighted sum of the state vector errors,
i.e., position, velocity, acceleration, etc. Units are accounted for with the tuning parameter λ. It is
not uncommon for a reduced-order sliding surface to be used, or one that is more representative
of the actual system dynamics that may be simplified. A system is said to be in the sliding mode
when
s˙ = 0. (6.5)
The equality of the sliding mode in Equation 6.5 defines two modes of SMC, i.e., s = 0 and s 6= 0.
These conditions are called the finite time reaching phase, s 6= 0, and the sliding mode, s = 0.
These two modes of a SMC are illustrated with a sliding surface S(t) in Figure 6.2.
The initial conditions of a SMC law are assumed to be xd(0) = x(0), which deduces the
tracking control problem x ≡ xd to maintaining x on the surface S(t).
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ALTERNATIVE SLIDING SURFACE FORMS
There are various ways to represent the error dynamics of the sliding surface that result in
improved performance. Once such example is an integral sliding surface, defined by
s =
(
d
dt
+ λ
)n ∫
edt (6.6)
This approach formally increases the order relative to the desired state trajectory by one and has
shown promising results in fluid power applications.
6.1.2 EQUIVALENT CONTROL LAW
The design of the equivalent control law, or ueq, is based on Filippov’s construction of the
equivalent dynamics. By considering the dynamics in the sliding mode, i.e., s˙ = 0, and solving
this equation for the control input, an expression can be attained that is known as the equivalent
(continuous) control law, ueq. Assuming x and xd are scalars of a single-input single-output
system, with the system of the order n, the system dynamics are governed by
x(n) = f + u. (6.7)
Knowing the sliding condition x(n) = x(n)d , and the system model f , the equivalent control law’s
general form can be established as
ueq = x
(n)
d − f − (s˙− e(n)), (6.8)
and written in terms of the system dynamics while in the sliding mode, gives
x(n) f + ueq = x
(n)
d − (s˙− e(n)). (6.9)
The equivalent control law can be expressed in terms of the equivalent dynamics as
ueq = αu+ + (1− α)u−, (6.10)
with this representation of the equivalent control law using Filippov’s principle of equivalent
dynamics illustrated in Figure 6.3.
6.1.3 ROBUST CONTROL LAW
The equivalent control law can provide perfect tracking performance when the system
dynamics are perfectly known. Due to this reality, and the need to move the system state errors
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Figure 6.3: GEOMETRIC REPRESENTATION OF EQUIVALENT CONTROL [5].
towards the sliding mode and maintain the state errors in the sliding mode, a robust control law is
warranted. In order to keep s at zero, a robust control law urb is defined for when s is outside of
S(t)
1
2
d
dt
s2 ≤ −η | s | (6.11)
where η is strictly positive constant known as the robustness tuning parameter.
Equation 6.11 utilizes a Lyapunov-like function that guarantees the system trajectories
decrease exponentially towards S(t), which is depicted in Figure 6.2. Equation 6.11 also implies
that once the sliding mode is attained the trajectories remain on the surface and it allows for
disturbances and dynamic uncertainties to be tolerated, i.e.,(
d
dt
+ λ
)n−1
e = 0, (6.12)
where the finite reaching time to reach the sliding mode is defined by
0− s(t = 0) = s(t = treach)− s(t = 0) ≤ −η(treach − 0). (6.13)
Using equation 6.13 to satisfy Equations 6.12 and 6.14, the robust control law can be
written as the right-hand-side of Equation 6.11 with a sgn function with s, giving
urb = −η | s | sgn(s) (6.14)
The robust control law in Equation 6.14 cannot be physically achieved unless a system has an
infinitely fast control response. Although this control law allows for robust and high performance
tracking, due to the transient phenomenon in real systems, this high speed switching results in
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chattering (sometimes called dither) around the sliding mode as illustrated in Figure 6.4. Chatter,
dither, and high frequency oscillations can cause premature wear and damage in physical
systems, especially in systems with moving component interfaces and mechanical hard stops.
Figure 6.4: CHATTER DUE TO SWITCHING ABOUT THE SLIDING SURFACE [5].
6.1.4 CONTINUOUS APPROXIMATION OF SWITCHING CONTROL LAWS AND TUNING
The greatest detriment of a SMC law is the discontinuous robust control law that helps
maintain the sliding condition. The chattering the robust control law will introduce in most
mechanical systems is unacceptable and must be eliminated. Chattering can be eliminated with
the introduction of a boundary layer B(t) around the sliding surface,
B(t) = x, | s(x; t) |≤ Φ Φ > 0, (6.15)
where Φ is the boundary layer thickness, and e = Φ/λn−1 is the boundary layer width. This
defined boundary layer introduces a first-order filter like smoothing action on the discontinuous
switching control law. Mathematically, the sgn(s) function is replaced by a saturation function,
sat( sΦ ). This saturation function guarantees tracking within e precision around the boundary
layer. Replacing the sgn function with a sat function, the robust control law becomes
urb = −η | s | sat
(
s
Φ
)
(6.16)
Additional switching control law actions can be applied to the robustness term, including time
variant boundary thickness and gain margins.
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The true tracking performance of s and tracking precision e can be defined by the
mathematical bounds set on sliding surface s from the tuning parameters λ and Φ and the order
of the surface i, which can be related to bounds on the error vector e. The true tracking
performance is represented by
∀t ≥ 0, | s(t) |≤ Φ ∀t ≥, | ei(t) |≤ (2λ)ie f or i = 0, ..., n− 1, (6.17)
where the bounds written more concisely are
| ei |≤
(
Φ
λn−1−i
)(
1+
λ
λ
)i
= (2λ)ie. (6.18)
Equation 6.18 allows for an analytical approximation of the true tracking performance.
TUNING
Tuning the parameters of a SMC system can be tedious. It is commonly accepted that
SMCs are experimentally tuned. A general experimental tuning procedure for the parameters, λ,
η, and φ are as follows:
1. Set λ = 0, Φ = 1, and η = 0.
2. Increase λ incrementally until the equivalent control law marginally tracks the desired
trajectory. Marginal tracking implies the equivalent control law tracks the general shape of
the desired trajectory but not perfectly.
3. Incrementally increase η from 0.
4. Simultaneously adjust Φ to the neighborhood of a desired tracking performance at the given
λ.
5. Increase η and make adjustments to Φ as needed.
6. Introduce a proportional gain Kp and increase or decrease value incrementally, while
repeating 2 through 5.
CONCLUDING REMARKS ON SLIDING MODE CONTROL DESIGN FUNDAMENTALS
The design of SMC laws applied to nonlinear systems is a proven method in motion
control applications. While more theoretically complex than classical methods like PID, the
performance gains and the inherent robustness can be easily demonstrated. The aforementioned
approaches will be applied in the following sections for PAMs and HAMs.
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6.2 PNEUMATIC ARTIFICIAL MUSCLE CONTROLLER DESIGN
This section presented SMC designs that were first presented in [63] and [123] using the
linear dynamic PAM model in [124] by Slightam and Nagurka.
6.2.1 SLIDING MODE POSITION CONTROL OF PNEUMATIC ARTIFICIAL MUSCLES
A linearized model of a PAM is used to define a position sliding mode controller in this
section. Traditional SMC approaches for PAMs use an integral sliding surface s =
( d
dt + λ
)m ∫ e,
where m is the order of the differential equation of the system to be controlled [5, 52, 124]. The
linearized PAM dynamic model is defined by
Mx¨ + cx˙ + kx =
P(3L2 − b2)
4pin2
, (6.19)
where k is the linearized rubber tube stiffness model. Differentiating Equation 6.19 and
substituting the pressure dynamics, Equation 4.62 and solving for
...
x gives
...
x =
1
M
(
3LPL˙
2pin2
+
P(3L2 − b2)2
4pin2(b2L− L3) L˙ +
3L2 − b2
b2L− L3 RTm˙− cx¨− kx˙
)
. (6.20)
The third-order equation of motion for the PAM system can be simplified to
...
x = fˆ + gˆu, (6.21)
where fˆ is
fˆ =
1
M
(
3LPL˙
2pin2
+
P(3L2 − b2)2
4pin2(b2L− L3) L˙− cx¨− kx˙
)
, (6.22)
and
gˆ =
1
M
(
3L2 − b2
b2L− L3 RTΨ
)
. (6.23)
This results in a third-order sliding surface for a PAM tracking control problem. It is
proposed that the constant λ be raised to the power q to increase the gradient of the error dynamic
poles from absement (integral of position) to position and higher order terms [63, 125]. Then the
sliding surface is
s =
(
d
dt
+ λq
)m ∫
e (6.24)
where q is a new tuning parameter. For a PAM, where m = 3, expanding Equation 6.24,
s = e¨ + 3λq e˙ + 3λ2qe + λ3q
∫
e. (6.25)
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Differentiating Eqn. 6.25 with respect to time
s˙ =
...
e + 3λq e¨ + 3λ2q e˙ + λ3qe. (6.26)
The equivalent control law can be expressed using Filippov’s equivalent dynamics principle
ueq =
1
gˆ
(
...
x D + fˆ − 3λq e¨− 3λ2q e˙− λ3qe
)
(6.27)
With a Lyapunov-like function, 12
d
dt s
2 ≤ −η | s |, the robust control law is determined to be
urb = −η | s | sgn
(
s
)
(6.28)
to keep the sliding surface s at zero, where sgn(s) = +1 if s > 0 and sgn(s) = −1 if s < 0. To
minimize chatter from the high speed switching, a saturation function is introduced to act as a
first-order filter, with the saturation of s/φ being at ±1, where φ is a constant that decreases the
rate of switching.
urb = −η | s | sat
(
s
φ
)
(6.29)
Combining the equivalent and robust control laws and introducing a proportional gain, Kp,
results in the 3rd-order integral sliding surface SMC law,
uSMC =
Kp
gˆ
(...
x D + fˆ − 3λe¨q − 3λ2q e˙− λ3qe− urb
)
(6.30)
with the tuning parameter q. With the parameter q, the control law is assumed sufficiently robust
such that observation and input-output feedback linearization are not needed. Eliminating fˆ and
gˆ, the SMC becomes
uqSMC = Kp
(...
x D − 3λq e¨− 3λ2q e˙− λ3qe− urb
)
(6.31)
For benchmark comparison, a traditional SMC using observation, where q = 1, is
uSMC =
Kp
gˆ
(...
x D + fˆ − 3λe¨− 3λ2 e˙− λ3e− urb
)
(6.32)
The tuning parameters determined empirically for both control laws are listed with the controller
results in Chapter 7.
6.3 HYDRAULIC ARTIFICIAL MUSCLE CONTROLLER DESIGN
This section details the linear and sliding mode impedance and position control
approaches for a HAM. These control laws are derived using the detailed system models and are
experimentally tested and compared with the linear controller counterparts. The performance of
each controller is then assessed.
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6.3.1 LINEAR IMPEDANCE CONTROL (LIC)
A second-order linear impedance control law is compared to a model-based impedance
control method. This linear impedance control law is the form presented by Hogan in [126] with
the addition of a proportional gain.
u = Kp
(
Fint − Fd −Me(x¨− x¨d)− Be(x˙− x˙d)− Ke(x− xd)
)
(6.33)
where Kp is the proportional gain, Fint is the measured interaction force, Fd is the desired
interaction force, Me is the virtual mass, Be is the virtual damping, Ke is the virtual stiffness, and
xd is the desired position. The desired force is set to zero for interaction type tasks.
6.3.2 SLIDING MODE IMPEDANCE CONTROL (SMIC)
The impedance control system developed in [127] used a linear stiffness dynamic HAM
model which has the form
Mx¨ + Ff (x, x˙, P) + kx = P
3L2 − b2
4pin2
, (6.34)
Equation 6.34 can be differentiated with respect to time to enable the substitution of the pressure
dynamics from Equation 4.66. This differentiation and substitution makes the desired position a
function of the command voltage u, resulting in a simplified third-order differential equation for
the system dynamics
...
x = fˆ + gˆu, (6.35)
where fˆ is
fˆ =
1
M
[
3LP
2pin2
x˙− 3L
2 − b2
4pin2
βV˙
V
− cx¨− µk NAb
(
P(bθ¨ cos(θ) + x¨
− βV˙
V
(bθ˙ cos(θ) + x˙)
)− kx˙] (6.36)
and gˆ is
gˆ =
βKavCD
√
2∆P/ρ
MV
[
3L2 − b2
4pin2
− µk NAb(bθ˙ cos(θ) + x˙)
]
. (6.37)
For the impedance controller, a sliding surface is defined as the traditional method presented by
Slotine [5], related to the interaction force, Fint, and desired force Fd, that is set to zero.
s = Fint − Fd −
(
d
dt
+ λ
)m−1
e, (6.38)
where λ is the tuning parameter defining the location of the error dynamics poles and slope of the
sliding surface, d/dt is a time derivative, e is the desired continuous trajectory error (e = x− xd),
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and m is the order of the controlled system (m = 3 for HAM system). Equation 6.38 defines the
sliding surface with respect to actual and desired interaction forces rather than to only a position
trajectory. Expanding this normally becomes s = e¨ + 2λe˙ + λ2e [5]. Rather than following this
approach for position tracking, the tuning parameters λ are replaced with the desired impedance
properties, resulting in λ2 = Ke, 2λ = Be, and supplementing e¨ with Me. Expanding Equation 6.38
with these replacements gives
s = Fint − Fd −Me e¨− Be e˙− Kee. (6.39)
Taking the time derivative of Equation 6.39 results in
s˙ = F˙int − F˙d −Me...e − Be e¨− Ke e˙. (6.40)
Applying Filippov’s principal of equivalent dynamics with Equation 6.35-6.40 results in the
nonlinear equivalent control law for the HAM.
ueq =
Keq
gˆ
(
...
x d − fˆ − s˙−Me...e
)
(6.41)
A robust control law can be defined using a Lyapunov-like function as used in [63] and [128], in
addition to the robustness tuning parameter η and a filtering constant φ with a sgn and the
saturation function gives the robustness control law,
urb = −η | s | sat
(
sgn(s)
φ
)
. (6.42)
Combining Equations 6.41 and 6.42 with a proportional gain, Keq, gives the SMIC:
u =
Keq
gˆ
(
...
x d − fˆ − s˙−Me...e − η | s | sat
( sgn(s)
φ
))
(6.43)
The impedance and experimentally determined controller parameters for the LIC and SMIC are
listed in Chapter 7.
6.3.3 SLIDING MODE POSITION CONTROL
For the HAM system, a SMC law with input-output feedback linearization uses a sliding
surface s =
( d
dt + λ
)n ∫ e, resulting in a third-order sliding surface described by the position error
dynamics.
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For position control, Equation 4.9 is differentiated and the state equation for the pressure
dynamics, Equation 4.67, is substituted. The third-order equation of motion is solved for in terms
of
...
x . In terms of the control signal u,
...
x = fˆ + gˆu, (6.44)
where fˆ represents model terms not directly influenced by the command input u and gˆ describes
dynamic terms that are a direct function of the control input u, giving fˆ and gˆ to be, respectively,
fˆ =
1
M
[
b2 − β3L2
4pin2V
x˙
(
At − µk NAb(bθ˙ cos θ + x˙)
)
− cx¨− µk NPAb(x¨− bθ¨ sin θ) (6.45)
+8pit
(
1− L0
x
){
2pin2C3β(−3L2 − b2)x˙
4pin2V(b2 − 3L2) −
6pin2C3Px˙
b4 − 9L4
}
− L0 x˙
x2
{
σMR − 2pin
2C3P
b2 − 3L2
}]
and
gˆ =
KavCD
√
2∆P/ρ
M
[
At − µk NAb(bθ˙ cos θ + x˙) + 8pit
(
1− L0
x
)2pin2C3
b2 − L2
]
.
For this system, where the order m = 3, an integral sliding surface is defined by Slotine [5] as
s =
(
d
dt
+ λ
)m ∫
e = e¨ + 3λe˙ + 3λ2e + λ3
∫
e, (6.46)
where λ is a tuning parameter that determines the error dynamics pole locations and where the
error for a continuous position trajectory of the HAM is e = x− xD. Differentiating s to get the
sliding mode, s˙ = 0, results in
s˙ =
d
dt
s =
...
e + 3λe¨ + 3λ2 e˙ + λ3e. (6.47)
Using Filippov’s construction of the system equivalent dynamics, the equivalent control law is
derived for the third-order model and the sliding mode s˙.
...
x − ...x D + 3λe¨ + 3λ2 e˙ + λ3e = fˆ + gˆu (6.48)
Solving for u gives the equivalent control law for the HAM.
ueq =
1
gˆ
(
...
x D − fˆ + 3λe¨ + 3λ2 e˙ + λ3e
)
. (6.49)
The robust control law is defined by a Lyapunov-like function 12
d
dt s
2 ≤ −η | s |, giving the robust
control urb,
urb = −η | s | sat(s/φ) (6.50)
where sat is a saturation function at ±1, the constant η is a robustness gain to compensate for
unmodeled dynamics and uncertainties in the system, and φ is a filtering parameter to eliminate
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chatter, thus having the same effect as a first-order low-pass filter. Combining the equivalent and
robust control laws and adding a proportional gain Kp results in the SMC law for the HAM.
uSMC =
Kp
gˆ
(
...
x D − fˆ + 3λe¨ + 3λ2 e˙ + λ3e− η | s | sat(s/φ)
)
(6.51)
The tuning parameters were experimentally determined for the SMC law and a baseline PID
controller and are listed in Chapter 7.
6.3.4 CONCLUDING REMARKS ON CONTROL DESIGN
This section details the design of four different SMC laws for AMs. This includes two
different position sliding mode controllers for PAMs, a sliding mode impedance controller for a
HAM, and a sliding mode position controller for a HAM. Results reported in the literature
comparing linear control methods to SMC methods for PAM position control suggest that this
comparison is not warranted herein. However, the little literature on the control of HAMs
warrants the comparison of the SMC methods to classical methods. Chapter 7 reports the results
of these control system designs.
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CHAPTER 7
CONTROL EXPERIMENTS WITH FLUIDIC ARTIFICIAL MUSCLES
7.1 SLIDING MODE POSITION CONTROL OF PNEUMATIC ARTIFICIAL MUSCLES
Four tracking experiments were conducted with two continuous trajectories to compare
the performance of the control laws defined in Equation 6.31 and 6.32. The controller tuning
parameters are listed in Table 7.1 using the method outlined in Chapter 6. Two third-order
low-pass filters were used to filter the measured encoder signal and numerical differentiation
noise for error dynamic and observer derivatives; these are denoted as LPF1 and LPF2,
respectively.
Table 7.1: PAM SMC CASE STUDY 1 PARAMETERS.
SMC Eqn. 6.32 qSMC Eqn. 6.31
Parameter Value Parameter Value
LPF1 300 Hz LPF1 300 Hz
LPF2 0.5 Hz LPF2 0.5 Hz
Kp 0.00025 Kp 0.0002
λ 225 Hz λ 10 Hz
η 25.4 mm/s3 η 10.2 mm/s3
φ 2.54 mm/s2 φ 0.51 mm/s2
q 1 q 1.75
For trajectory 1, a square-like seventh-order polynomial trajectory with an amplitude of
5.4 mm and an offset of 11.8 mm, with 0.2 Hz transitions between set points and a 0.1 Hz resting
period, is tracked; in experiment 2, the same trajectory with no steady-state period is tracked. The
seventh-order trajectory is determined by methods presented in Niku and is needed to provide a
continuous-time trajectory for higher order differential terms in the control law [129].
Figures 7.1 and 7.2 show the results of the tracking experiments 1 and 2, respectively.
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Figure 7.1: TRACKING EXPERIMENT 1.
Figure 7.2: TRACKING EXPERIMENT 2.
The controller experiments are performed on the PAM described in detail in [123]. Figure
7.1 and 7.2 show the desired and actual positions of the PAM in the top subplots and the tracking
errors in the bottom subplots. The red dashed line indicates the results for the control law in
Equation 6.32 and the green dashed line indicates the results for the control law in Equation 6.31.
Both controllers consistently track the desired trajectory with maximum tracking errors below 0.3
mm maintained. The maximum tracking, steady-state (s.s.), and root-mean-square (RMS) errors
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for both controllers and experiments are listed in Table 7.2.
Table 7.2: PAM SMC CASE STUDY 1 CONTROLLER PERFORMANCE.
Index Experiment SMC (Eqn 6.32) qSMC (Eqn 6.31)
max(|e|) 1 292 µm 272 µm
s.s. e 1 ± 15 µm ± 15 µm
RMS(e) 1 43.2 µm 35.6 µm
max(|e|) 2 284 µm 291 µm
RMS(e) 2 43.2 µm 55.3 µm
The controllers in both tracking experiments exhibit tracking errors of 0.3 mm or less. For
the tracking experiment with a 10 s resting period the steady-state accuracy of the controller was
15 µm for both controllers.
Five additional tracking experiments were conducted using the controller presented in
Equation 6.31. The controller tested followed a sinusoidal trajectory of 1 and 0.5 Hz with an
amplitude of 12.7 mm and an offset of 15.88 mm, as well as a square-like seventh-order
polynomial trajectory with an amplitude of 12.7 mm and an offset of 15.88 mm, at 0.2 Hz
transitions between set points, with no steady state period and a resting period of 0.1 Hz. The
tuning parameters for the additional five experiments are listed in Table 7.3.
Table 7.3: PAM SMC CASE STUDY 2 SMC PARAMETERS.
Parameter Value
FO− LPFco 100 Hz
φ 25 mm/s2
Kp 1.3
λ 10 Hz
η 0.05 mm/s3
Ki 0.125
A string potentiometer was used for the controller defined in Table 7.3, where q = 2.
Figures 7.3 and 7.4 show the tracking of a sinusoidal wave at 0.5 and 1 Hz, respectively. The
tracking experiment of the sinusoidal wave at 0.5 Hz showed a maximum tracking error of
approximately 0.71 mm just past the inflection points of the sine wave when retracting towards its
original length L0.
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Figure 7.3: SINUSOIDAL TRACKING AT 0.5 HZ.
Figure 7.4: SINUSOIDAL TRACKING AT 1.0 HZ.
Tracking of the sinusoidal wave at 1 Hz illustrated a maximum tracking error of
approximately 1.9 mm at the same locations.
Figures 7.5 and 7.6 show the tracking results of a continuous square-like wave with
seventh-order polynomial transitions at a frequency of 0.2 Hz, without and with a resting period
of 10 s, respectively.
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Figure 7.5: SEVENTH-ORDER TRAJECTORY TRACKING WITHOUT REST PERIOD.
Figure 7.6: SEVENTH-ORDER TRAJECTORY TRACKING WITH 0.1 HZ REST PERIOD.
Both seventh-order trajectory tracking experiments exhibited tracking errors of 0.38 mm
or less. These two experiments also show improved tracking characteristics for the PAM being
pressurized as opposed to depressurized. For the seventh-order trajectory tracking experiment
with a 10 s resting period the steady-state accuracy of the controller was approximately 50 µm.
The setpoint response tracking and tracking error are depicted in Figure 7.7, with Figure 7.8
illustrating the zoomed error for the setpoint response experiment.
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Figure 7.7: STEP RESPONSE AND ERROR.
Figure 7.8: ZOOMED ERROR OF STEP RESPONSE.
The step response of the PISMC for the PAM illustrates no overshoot and the actuator
achieves sub 100 µm accuracy in less than 0.5 s. After 5 s, 50 µm accuracy is achieved. From the
phase plane trajectory of the step response this controller does not follow the typical slope of −λ
when in the sliding mode, as shown in Figure 7.9.
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Figure 7.9: FINITE REACHING AND SLIDING MODE OF STEP RESPONSE.
The maximum tracking and steady-state (S.S.) errors are listed in Table 7.4.
Table 7.4: PAM SMC CASE STUDY 2 CONTROLLER PERFORMANCE.
Trajectory Max. Error [mm] S.S. Error [mm]
Sine (0.5 Hz) 0.71 –
Sine (1.0 Hz) 1.9 –
7th-Ord. 0.37 –
7th-Ord. w/ Rest 0.38 0.05
Step – 0.05
7.2 HYDRAULIC ARTIFICIAL MUSCLE CONTROL EXPERIMENTS
The SMIC and the position SMC law for the HAM were described in 6.43 and 6.50,
respectively. The control laws were compared to classical approaches, which were a linear
impedance controller (LIC) and a PID position controller. The following section reports the results
of the tracking experiments for the nonlinear and linear control laws for HAMs.
7.2.1 SLIDING MODE IMPEDANCE CONTROL
The impedance and experimentally determined controller parameters for the LIC and
SMIC are listed in Table 7.5.
Three different trajectories are tracked to compare the impedance control laws for HAMs.
The trajectories include a constant set point position in the middle of stroke, a continuous
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Table 7.5: HAM IMPEDANCE CONTROLLER PARAMETERS.
LIC Eqn 6.33 SMIC Eqn 6.43
Parameter Value Parameter Value
Kp 20 Keq 0.25
Me 4.5E-4 kg λ 10 kHz
Be 1.75E-3 N-smm η 25.4 m/s
3
Ke 0.876 Nmm φ 254 m/s
2
– – Ke 0.876 Nmm
– – Be 1.75E-3 N-smm
– – Me 4.5E-4 kg
square-like wave, and a sine wave at 0.25 Hz. The set point position experiment is conducted a
second time for each controller with random disturbances introduced to the load cell (the load cell
is manually pushed and pulled) to analyze the behavior of the controllers. The set point desired
position was set to 12.7 mm and the responses for both controllers are depicted in Figure 7.10.
Figure 7.10: SETPOINT COMMAND CONTROLLER RESPONSE
The top subplot shows the desired setpoint with the solid blue line and the position of the
HAM using the LIC and the SMIC, in the red dashed and yellow dashed lines, respectively. The
top subplot also shows close up views of the settling and the lagging action of both controllers.
The bottom subplot shows the position errors of each controller over time, with the LIC shown as
the solid blue line and the SMIC shown as the red dashed line.
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The 2% settling time was found to be 0.87 s and 0.95 s for the SMIC and traditional
impedance controller, respectively, when the system powers on after 10 seconds. It was also
observed that the SMIC lag from the initial command was 0.04 s compared to 0.08 s for the LIC.
The reduction in settling time by 80 ms equates to approximately 8% reduction in settling time and
the 40 ms reduction in lag time equates to a 50% reduction in lag time using the SMC method.
Steady-state error was found to be ± 15µm for both controllers for this given setpoint.
The 0.25 Hz sine wave tracking experiment, with an amplitude of 6.4 mm and offset of
12.7 mm, is shown in Figure 7.11.
Figure 7.11: SINE WAVE TRACKING (0.25 HZ).
The results of the 0.25 Hz sine wave tracking experiment are reported in the same format
as Figure 7.10. It was found that the maximum tracking error for the LIC was 1.69 mm on the
unpowered stroke and 0.756 mm on the powered stroke, while the SMIC maximum tracking error
was 1.21 mm on the unpowered stroke and 0.511 mm on the powered stroke. When using the
SMIC compared to the LIC, 28% and 32% improvements were observed for the unpowered and
powered stroke, respectively. The tracking results of a square-like continuous trajectory with a
lower bound of 6.4 mm and upper bound of 19 mm are shown in Figure 7.12.
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Figure 7.12: SQUARE-LIKE WAVE TRAJECTORY TRACKING.
The maximum tracking error for the LIC was 1.96 mm for the unpowered stroke and 0.786
mm for the powered stroke. The maximum tracking error for the SMIC was 1.16 mm and 0.644
mm for the unpowered and powered strokes, respectively. Using the SMIC when compared to the
LIC for this experiment, the maximum tracking error was reduced by as much as 41%.
Setpoint tracking for the LIC and desired and achieved stiffness when random
disturbances (an external force is applied to the load cell) are introduced are shown in Figures 7.13
and 7.14, respectively.
Figure 7.13: SETPOINT TRACKING WITH DISTURBANCES FOR LIC.
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Figure 7.14: DESIRED AND EXPERIMENTAL STIFFNESS FOR LIC.
Setpoint tracking for the SMIC and the desired and achieved stiffness when random
disturbances (an external force is applied to the load cell) are introduced are shown in Figures 7.15
and 7.16, respectively.
Figure 7.15: SETPOINT TRACKING WITH DISTURBANCES FOR SMIC.
The SMIC shows improved impedance tracking over the LIC, especially on the
unpowered stroke. Figures 7.15 and 7.16 show the stiffness behavior when force is applied to the
load cell. The positive direction is in tension (pulling on the HAM) and the negative is
compression (pushing on the HAM assembly); the retraction phase shows the response when the
applied force is released.
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Figure 7.16: DESIRED AND EXPERIMENTAL STIFFNESS FOR SMIC.
7.2.2 SLIDING MODE POSITION CONTROL
Each controller was tuned to minimize the tracking error for a 0.25 Hz sine wave.
Differentiated terms in the control laws were filtered using a low-pass filter with a cut-off
frequency of 100 Hz. The controller tuning parameters are listed in Table 7.6.
Table 7.6: HAM POSITION CONTROLLER TUNING PARAMETERS.
PID Value SMC Value
KP 3.94 V/mm λ 10.2 kHz
Ki 0.079 V/mm-s η 127 m/s3
Kd 3.94e-3 V-s/mm Kp 2.95e-8 V/mm
Nd 100 φ 2.54e6 mm/s2
Five control experiments were conducted, three of which include sinusoidal wave
tracking at 0.25, 0.5 Hz with an amplitude of 5 mm as well as sine wave tracking at 1 Hz with an
amplitude of 2.5 mm, with all sine wave tracking experiments having an offset of 16 mm (0.63
inch) from the fully relaxed position. The remaining two control experiments were tracking of a
square-like trajectory at 0.067 Hz and 5 mm amplitude with offsets of 22 mm and 5 mm from the
lowest setpoint. The sine wave experiments are used to assess the tracking performance while the
square-like wave trajectory is used to assess the robustness of each of the controllers. The 0.25,
0.50, and 1.0 Hz sinusoidal wave tracking experiment results are shown in Figure 7.17.
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Figure 7.17: CLOSED-LOOP SINE WAVE TRACKING AT 0.25, 0.5, AND 1 HZ.
Subplots (a), (c), and (e) show the tracking of a sine wave at 0.25, 0.50, and 1.0 Hz,
respectively, with the desired trajectory shown as the solid blue line, the SMC as the red dashed
line, and the PID control law shown as the yellow dashed line. Subplots (b), (d), and (f) show the
tracking errors for the PID controller and sliding mode position controller, shown as the red
dashed line and solid blue line, respectively. The three experiments demonstrate improved
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tracking performance using SMC over PID control. This is especially true on the return stroke,
which is an unpowered direction of motion for the HAM.
The maximum absolute tracking error, root-mean-square error, and mean error for PID control
and SMC in the three experiments are summarized in Table 7.7. The square-like wave tracking
experiments are illustrated in Figure 7.18.
Figure 7.18: CLOSED-LOOP SQUARE-LIKE WAVE TRACKING AT 0.067 HZ.
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Similar to the sinusoidal wave tracking experiments, tracking of a square-like wave
shows improved tracking performance using SMC over PID control. Furthermore, operating near
the limits of the stroke of the HAM shows performance degradation using PID control, as
indicated in Figure 7.18 (b). The error results of the square-like wave tracking experiments are
shown in Table 7.7.
Table 7.7: HAM POSITION CONTROLLER PERFORMANCE RESULTS.
Controller RMS(e) Mean(e) Max | e |
(Exp.) [mm] [mm] [mm]
PID (0.25 Hz) 0.257 -0.156 0.577
SMC (0.25 Hz) 0.111 -0.054 0.409
PID (0.5 Hz) 0.535 -0.325 1.01
SMC (0.5 Hz) 0.254 -0135 0.506
PID (1.0 Hz) 0.435 -0.270 0.886
SMC (1.0 Hz) 0.234 -0.131 0.700
PID (Traj. 1) 0.125 -0.115 0.309
SMC (Traj. 1) 0.018 -0.009 0.125
PID (Traj. 2) 0.125 -0.047 0.569
SMC (Traj. 2) 0.049 -0.019 0.236
PID (Traj. 1) Steady-State Error -0.096
SMC (Traj. 1) Steady-State Error -0.006
PID (Traj. 2) Steady-State Error -0.012
SMC (Traj. 2) Steady-State Error -0.006
The experimental results of the position SMC law and the PID position controller indicate
that the performance of the SMC law outperforms the classical approach. The results also
illustrate a degradation of controller performance for the PID controller when operating in regions
of the HAMs stroke that the controller was not tuned at.
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CHAPTER 8
DISCUSSION
A comprehensive model describing the behavior of fluidic AMs was developed. Using
this model, quasi-static and dynamic responses were simulated in addition to using the model to
design model-based control laws for PAMs and HAMs. This chapter discusses the developed
theory, experimental results, and potential implications of this work.
8.1 THE MODELING OF ARTIFICIAL MUSCLES
A comprehensive nonlinear lumped parameter dynamic model for AMs was developed,
and predictions were compared to experimental results to validate the model. The developed
dynamic model used physics-based theories that are grounded in fundamentals of mechanical
engineering as opposed to the empirical methods reported in literature. Specifically, Hookean
mechanics of materials and Mooney’s theory of large deformation were used to develop the
models for the tube stiffness and braid deformation. The braid relative motion in the kinetic
friction model was derived using classical two-dimensional particle dynamics. These three new
constitutive models resulted in a new second-order equation of motion that can predict both
quasi-static and dynamic behavior of AMs.
8.1.1 MODEL PERFORMANCE
The new second-order equation of motion for AMs allows for the displacement and AM
dynamics to be predicted. In quasi-static scenarios the stiffness model is able to predict the
displacement of both PAMs and HAMs with a maximum model error of 5% or less with respect to
the maximum stroke of the specific AM. When combined with the pneumatic pressure dynamics
and simulated, the PAM system model was able to predict the dynamic behavior within 11% on
average. Dynamic percent errors were as low as 6% with the maximum error reported being 28%.
For HAMs, the dynamic model was able to predict the response within 8% on average. The
minimum error was approximately 5% while the maximum model error was observed to be
approximately 24%. The large errors observed appear to be due to the transient pressurization and
depressurization behavior. This transient behavior is due to the volumetric flow out of the HAM
being significantly less than the volumetric flow in, resulting in a transient up-down motion until
reaching a steady-state behavior. The steady-state dynamic HAM model errors were found to be
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13% or less with respect to the maximum stroke.
On average for both the PAMs and the HAMs, the quasi-static simulation accuracy was
within 5% and the dynamic simulation accuracy was within 10% with respect to the maximum
actuator stroke.
8.1.2 TUBE STIFFNESS
The new tube stiffness model, Equation 4.22, allows for the quasi-static displacement of
AMs to be predicted within 5%. This component of the dynamic model also appears to be a
governing term in the equation of motion, i.e., accurate prediction of the pressure dynamics will
result in accurate prediction of the displacement over time. The downside is that pressure
dynamics modeling errors result in significant errors in the dynamic response of the AM, and is
likely why the large dynamic model errors are observed during transient pressurization and
depressurization.
The HAM model is able to predict the displacement within 1.4 mm of the experimental
mean displacement or 8.1% or less for 10 quasi-static trials pressurizing the HAM to 7 MPa. The
simulated behavior and experimental results are similar to the free contraction data presented by
Morita et al. [130]. The actuator model coupled with the first-order pressure dynamics is able to
predict the behavior of the actuator and transient fluid interaction. Understanding this behavior is
particularly useful for new design approaches that are analogous to those presented in [47] for
PAMs and general model-based design for mechanical systems.
8.1.3 BRAID DEFORMATION
When operating at higher pressures, the braid deformation model predicts the extension
behavior of the HAM. For one HAM prototype, simulations of the braid deformation contributed
to approximately 1.5 mm of elongation in the HAM. While this deformation in the complete
model contributes to about 5% of the total HAM displacement, the theory and equations defined
are particularly useful for the design of stronger braids. For example, the stress relations can be
used to find the optimal number of braids and/or braid material. One deficit of this model is the
assumption of the AM being a cylindrical tube, which does not account for the stress
concentrations from the curvature around the end caps.
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8.1.4 MODEL LIMITATIONS
Three main limitations were found to be associated with the new comprehensive AM
dynamic model. The model limitations are as follows:
1. The variation of material properties due to the Mullins effect.
2. Mathematical bounds of the new tube stiffness model.
The limitations are discussed in further detail in the following sub-sections.
MATERIAL CONSTANT VARIABILITY DUE TO MULLINS EFFECT
Results reported in Chapter 5 indicate that the developed tube stiffness model allows for
the displacement of AMs to be predicted accurately as a function of pressure. Results also indicate
a large degree of variance in the results of actuators of the same specifications. From the statistical
analysis results, it was inferred that the model is only accurate when the material constants are
known for a steady-state value or known prior loading conditions. While this limits the model’s
utility, the experimental results showing the Mullins effect identified new technical challenges
that need to be addressed in the future, which affects different types of soft actuators using rubber
materials.
MATHEMATICAL BOUNDS OF TUBE STIFFNESS
The tube stiffness model is applicable when x > 0. This means that the integrators in the
model to find the position have a limit of 0 ≤ x < ∞. This is primarily due to unmodeled
dynamics and internal damping effects. Lifting these bounds in a model simulation illustrate the
oscillations about x = 0 due to the inertia, suggesting there are different stiffness and damping
models needed for when x ≤ 0. This oscillation is shown in Figure 8.1.
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Figure 8.1: OSCILLATIONS ABOUT x = 0 WITHOUT INTEGRATION LIMITS.
This limitation of the model means it is also limited in predicting the behavior when
connected to larger masses or loading. Possible solutions to circumvent these limitations are
discussed in Chapter 9 on future work.
8.2 MODEL-BASED CONTROL OF FLUIDIC ARTIFICIAL MUSCLES
Four model-based control laws were developed for AMs. Two sliding mode position
controllers were developed for PAMs. A sliding mode position controller and a sliding mode
impedance controller were developed for HAM prototypes.
8.2.1 SLIDING MODE POSITION CONTROL OF PAMS
A linearized version of the new model was used to derive the two sliding mode position
control laws for PAMs. One controller used the traditional approach presented by Slotine, with
the other using an integral sliding surface with an exponential modifier.
The SMC law with the exponential modifier shows that accurate sub-millimeter tracking
is possible without observers and input-output feedback linearization. There is a small difference
in the controller performance between methods, as shown in Table 7.4. This result suggests that
the simplified SMC is sufficiently robust that observation and input-output feedback linearization
are unwarranted with the conducted experiments. However, additional experiments are needed
to validate the robustness of the simplified control method. The simplified method promises to be
particularly useful in soft robotic applications where there are many degrees-of-freedom and
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computationally expensive controllers may be problematic. Both controllers were able to
demonstrate minimum tracking errors of approximately ±15 µm, or 15 µm more accurate than the
performance of the PISMC reported by De Volder et al. [71].
The results of the modified sliding surface PISMC demonstrate a positioning accuracy of
approximately 50 µm, or 20 µm greater than the accuracy reported by De Volder et al. when using
a string potentiometer [71]. The maximum tracking errors for sinusoidal waves are less than those
reported in the literature [73, 76]. The controller also shows similar response and tracking
performance compared to SMCs implemented for PAMs that utilize model
observation [50, 51, 71, 73, 76].
Maintaining the performance while eliminating the need for observers in SMCs may
allow for more widespread use of this control approach. Since this method is computationally less
expensive than traditional SMC approaches, it may be useful in the implementation of more
complex multi-degree-of-freedom systems as typical robot joints using PAMs rely on antagonistic
pairs. As a result, more applications and utilization of PAMs and other similar FFA devices in
robots may be realized.
8.2.2 SLIDING MODE IMPEDANCE AND POSITION CONTROL OF HYDRAULIC ARTIFICIAL
MUSCLES
A SMIC law and a sliding mode position control law were derived for HAMs. The SMIC
was derived with a linear stiffness HAM model with nonlinear hydraulic pressure dynamics and
compared to a LIC. The position SMC law was derived with the full model presented in this
dissertation, and was compared to a PID controller.
The 2% settling time was found to be 0.87 s and 0.95 s for the SMIC and traditional
impedance controller, respectively, when the system powers on after 10 seconds. It was also
observed that the SMIC lag from the initial command was 0.04 s compared to 0.08 s for the LIC.
Using the SMIC when compared to the LIC for this experiment, the maximum tracking error was
reduced by as much as 41%. Both controllers showed steady-state errors of ±15 µm, similar to the
PAM SMC laws that used a similar model with a linear stiffness.
The SMC law using the full model achieved sub-millimeter tracking accuracy for all
tracking experiments and had a steady-state error as small as ± 6 µm, with respect to the full
stroke of 32.3 mm (1.86E-5%). This accuracy was achievable at any position within the HAMs full
stroke. Steady-state accuracy improved by as much as 96% and reduced tracking errors by 59% or
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more for the square-like wave tracking experiments using SMC. SMC significantly reduced the
RMS, mean, and maximum errors for the experiments conducted, with many performance indices
showing reductions over 50%. On average, SMC reduced the RMS, mean, and maximum absolute
errors by 60%, 65%, and 44%, respectively.
The experimental results suggest that SMC approaches offer improved performance over
linear impedance and PID position control methods for HAMs and corroborate the superiority of
model-based methods presented by Meller et al. for a feed-forward controller and Slightam et al.
for a sliding mode impedance controller [127, 131].
8.2.3 MODEL-BASED CONTROLLER PERFORMANCE IMPROVEMENTS
Throughout the development of the dynamic model for AMs and the control laws
derived using the model, results were reported for controllers using different fidelity models. The
controller implemented using Equation 6.51 utilized the highest fidelity model available. For the
HAM SMC law in Equation 6.51, the steady-state error was ±6 µm. Furthermore, maximum
tracking errors for the controllers with the linear model were approximately 0.3 mm and 0.5 mm
for PAM and HAM, respectively, when comparing similar trajectories. In addition, the SMC law
saw reductions in maximum tracking errors consistently greater than 50%, and reductions in error
as high as 96%, which is significantly greater than the improvements made by the other
approaches, which indicated improvements by as much as 41%. As the literature currently stands,
these control experiments demonstrated the highest accuracy feasible through the entire stroke of
an AM.
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CHAPTER 9
FUTURE WORK
This dissertation presented a new model to describe the motion of AMs and validated the
model. With the model limitations better understood, future research can be specifically identified.
9.1 CAPTURING THE MULLINS EFFECT
In Chapter 5, it was identified that the Mullins effect contributes to a significant amount
of uncertainty in predicting the displacement of AMs. Because soft actuators and soft robots in
general use rubber material, this problem afflicts the entire soft robotics community. Future work
will require the development of models that can accurately capture the Mullins effect so models
like the one presented in this dissertation can be used effectively.
9.2 PIECE-WISE TUBE STIFFNESS
It was found that the developed model worked for 0 ≤ x < ∞, which is problematic for
being able to predict dynamic behavior when experiencing large loads or inertias. Experiments
were conducted that highlighted this deficiency. It was found that a simple piece-wise
formulation of the AM stiffness can address these limitations of the model,
Fsti f f ness =

kmrx x > 0
klinearx = 0 x ≤ 0
, (9.1)
where klinear is a linear stiffness. When simulating this piece-wise stiffness model when k = 260
N/mm and M = 3.2 kg and increasing the damping coefficient to c = 0.5V when x < 0, the model
is able to predict more realistic behavior which the dynamic response in Figure 9.1 shows. This
model prediction is also compared to the empirical results using M = 3.2 kg.
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Figure 9.1: DYNAMIC RESPONSE OF PAM CHARGING AND DISCHARGING WITH A MASS OF M = 3.2
KG.
The result in Figure 9.1 shows that the piece-wise stiffness model is able to capture the
general behavior of the PAM when x < 0. Larger masses like the one used in this result require mg
to be included in the equation of motion, based on the configuration of the test stand. This
consideration is why the model simulation result is offset below the experimental result, as the
test stand uses an absolute encoder, which is zeroed at the start of each execution of the control
software.
Future work to further address this behavior would likely need to redefine a new
Mooney-Rivlin tube stiffness for new boundary conditions and loading conditions. Specifically,
Mooney’s methods need to be extended to Equation 9.1 for when x < 0.
9.3 FORCE CONSTRAINT CONSTANT C3
The new stiffness model developed can accurately predict the displacement of AMs when
pressurized. This new model introduces a new term, C3. While this additional term makes the
model not fully analytical, there is a clear relationships between the actuator geometry and this
constraining constant. Plotting this constant as a function of length is shown in Figure 9.2.
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Figure 9.2: C3 AS A FUNCTION OF INITIAL LENGTH.
The scatter plot in Figure 9.2 shows a negative proportional relationship between the
initial AM length and the constant C3. A scatter plot between the initial braid angle and the
constant C3 was made to identify the relationship, which is shown in Figure 9.3.
Figure 9.3: C3 AS A FUNCTION OF INITIAL BRAID ANGLE.
The relationship between the initial braid angle θ and the constant C3 appears to be a
square or power relationship. A scatter plot for the initial PAM diameter and the constant C3 is
depicted in Figure 9.4.
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Figure 9.4: C3 AS A FUNCTION OF INITIAL DIAMETER.
The data depicted in Figure 9.4 indicate that there is likely a proportional relationship
between the initial AM diameter and constant C3.
Future work to identify an analytical formula for C3 based on AM geometry specifications
will require looking into other factors that may influence C3 and formulating a relationship to
predict C3. This is important because it will allow for simulations to be conducted using material
properties provided in literature. From a higher level point of view, this will enable
implementation in mechanical system designs more easily.
9.4 FULL-FIDELITY SLIDING MODE CONTROLLERS
The four controllers developed in this dissertation included two sliding mode position
controllers for PAMs, a sliding mode impedance controller for a HAM, and a sliding mode
position controller for a HAM. The HAM position SMC law used the full fidelity model presented
in this dissertation, i.e., Equations 4.68 and 4.69. The other models used a linear stiffness
assumption with the driving force being Gaylord’s force model. Future work includes applying
Equations 4.68 and 4.69 to derive a SMC impedance control laws for HAMs and PAMs and a
position SMC law for PAMs. Analysis of the resulting controller performance needs to be
reported. This future work will provide a broader spectrum of data on the performance
improvements using the new high fidelity model in SMC laws.
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CHAPTER 10
CONCLUSIONS
This dissertation investigated the current state-of-the-art modeling and control techniques
for fluidic AMs. No physical model-based approaches were found to predict the motion of AMs.
This dissertation developed a comprehensive equation of motion for AMs that is able to predict
their quasi-static and dynamic behavior with model simulations. The developed models were
used to derive SMC laws that showed improved performance over classical approaches.
10.1 ARTIFICIAL MUSCLE MODEL
The equation of motion for AMs includes new models for braid deflection, kinetic friction,
and the stiffness of the rubber tube. The developed components of the equation of motion
describing AMs allow their response to be predicted. The results of simulations show the dynamic
interaction between the pressure dynamics state equations and the equation of motion, especially
with the HAM.
During quasi-static simulations, the developed model was able to predict the position of
AMs within 5% error with respect to the maximum stroke. The model was able to predict the
dynamic response of AMs within 10% error with respect to the maximum stroke on average for
both PAMs and HAMs. The ability of the model to predict the response within 10% suggests it
may be useful for mechanical system design.
Results show that the Mullins effect may significantly alter the material coefficients that
define the stress-strain curve for the rubber tubes used in AMs. Due to this effect, statistical
accuracy of the model largely depends on the known loading conditions and loading history of
the AMs. With consistent loading conditions, the model is able to predict the displacement of the
AM within ±5% of the maximum stroke (1.7 mm), throughout the stroke, at statistical power of
0.85. Future work incorporating the Mullins effect into the model may reduce the statistical
uncertainty due to unknown prior loading conditions.
10.2 MODEL-BASED CONTROLLERS
Four different controllers were developed for controlling the position and impedance of
AMs. The SMC laws developed used models of varying fidelity. The accuracy of the controllers
presented ranged from ±6 µm to ±50 µm. The highest fidelity model used for a SMC law
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demonstrated the greatest improvements in tracking performance over classical methods and the
best accuracy compared to those using models with lower fidelity. In fact, the controller
performance presented in this dissertation demonstrated the best performing controllers
compared to those reported in the literature. The controller experimental results suggest that
increased model fidelity improved the controller performance. These conclusions suggest
continuing work to develop new control laws based on the models developed in this work.
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APPENDIX A
MODEL VALIDATION: EXPERIMENTAL AND SIMULATION RESULTS
The free contraction pressure-displacement curves for the three 23 mm diameter PAMs
are illustrated in Figure A.1. The free contraction pressure-displacement curves for the three 39.4
Figure A.1: FREE CONTRACTION OF 23 MM DIAMETER PAM.
mm diameter PAMs are illustrated in Figure A.2. The error between the curve fit model and the
Figure A.2: FREE CONTRACTION OF 39 MM DIAMETER PAM.
118
experimental free contraction data of the 23 mm diameter PAMs is illustrated in Figure A.3
Figure A.3: DISPLACEMENT ERROR OF FREE CONTRACTION OF 23 MM DIAMETER PAM.
The error between the curve fit model and the experimental free contraction data of the
39.4 mm diameter PAMs is illustrated in Figure A.4
Figure A.4: DISPLACEMENT ERROR OF FREE CONTRACTION OF 39 MM DIAMETER PAM.
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Figure A.5: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 0.5 HZ.
Figure A.6: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 1.0 HZ.
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Figure A.7: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 2.0 HZ.
Figure A.8: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 0.5 HZ.
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Figure A.9: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 1.0 HZ.
Figure A.10: EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT 2.0 HZ.
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Figure A.11: FREE CONTRACTION OF HAMS A12−14 .
Figure A.12: FREE CONTRACTION MODEL ERROR OF HAMS A12−14 .
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Figure A.13: FREE CONTRACTION OF HAMS A15−17 .
Figure A.14: FREE CONTRACTION MODEL ERROR OF HAMS A15−17 .
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Figure A.15: HAM A12 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
0.5 HZ.
Figure A.16: HAM A12 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
1.0 HZ.
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Figure A.17: HAM A12 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
2.0 HZ.
Figure A.18: HAM A15 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
0.5 HZ.
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Figure A.19: HAM A15 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
1.0 HZ.
Figure A.20: HAM A15 EXPERIMENTAL AND SIMULATED RESPONSES TO SQUARE WAVE SIGNAL AT
2.0 HZ.
